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Ultra-high molecular weight polyethylene (UHMWPE) fibre composites are considered to be 
state-of-the-art materials for penetration and ballistic impact protection applications. The 
composites are made of strong UHMWPE fibres with a soft compliant matrix. The extreme 
anisotropy caused by the mismatch between the stiffness and strength of the fibres and the 
matrix resulted in unique deformation and failure mechanisms which cannot be found in 
conventional engineering materials. Therefore, the thesis contributes towards understanding 
the governing mechanisms of UHMWPE composites that resulted in their high penetration and 
impact resistance, as well as characterizing their mechanical response under dynamic loading.  
 
In the first part of the thesis, we focus on the quasi-static penetration response of UHMWPE 
composites by sharp-tipped punches. It is shown that the punch penetrates the composites 
without fibre fracture but by the formation of mode-I cracks along the fibre directions. The 
results indicate that the high penetration resistance of the composites by sharp-tipped punches 
is attributed to the high toughnesses of the composites. In the second part of the thesis, failure 
mechanism maps are developed to illustrate the mechanisms by which failure can initiate in 
UHMWPE composite beams impacted by blunt projectiles. We reveal that beams with low 
shear strengths fail by the indirect tension mode at high impact velocities while beams with 
high shear strengths fail by the bending mode at significantly lower impact velocities. The 
study thus provides a mechanistic understanding of the experimental observations that high 
ballistic performance composites require low matrix shear strength. Finally, in the third part of 
the thesis we investigate the dynamic in-plane compressive response of the composites. It is 
revealed that compressive deformation of the composites occurs by ply level kink band 
formation. Additionally, the study shows that the composites become strongly strain rate 
dependent at strain rates above 100 s−1 and the observed strain rate dependency is mainly 
attributed to that of the matrix.  
 
The findings presented throughout this thesis reveal the key mechanisms and material 
parameters of the UHMWPE composites which governs their impact and penetration resistance, 
hence open new avenues and additional routes towards the design of composite materials with 
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Ultra-high molecular weight polyethylene (UHMWPE) fibre composites are considered to be 
state-of-the-art materials for penetration and ballistic impact protection applications. The 
composites are made of strong UHMWPE fibres with a soft compliant matrix. The extreme 
anisotropy caused by the mismatch between the stiffness and strength of the fibres and the 
matrix resulted in unique deformation and failure mechanisms which cannot be found in 
conventional engineering materials. Therefore, the thesis contributes towards understanding 
the governing mechanisms that resulted in their high penetration and impact resistance, as well 
as characterizing their mechanical response under dynamic loading. A comprehensive review 
of the existing literature for the mechanical properties as well as indentation and impact 
mechanisms of the UHMWPE fibres and composites are presented in Chapter 2.    
 
In the first part of the thesis (Chapter 3), we focus on the penetration response of unidirectional 
(UD) and [0°/90°  cross-ply UHMWPE composites by sharp-tipped cylindrical punches. 
Experimental observations using combined optical microscopy and X-ray tomography 
revealed that in both cases the composites fail by the formation of mode-I cracks along the 
fibre directions, following by the wedging open of the crack to accommodate the advancing 
punch. For the cross-ply composites, delamination between adjacent  0° and 90° layers also 
occurs to compensate the incompatible deformation between adjacent plies containing 
orthogonal mode-I cracks. Micromechanical models are developed to model the steady-state 
penetration pressure for both composites. A pressure-dependent crystal plasticity framework is 
developed to accurately model the material anisotropy as well as the large shear strains and 
fibre rotations occurred during the penetration. The effect of intra and inter-ply fracture are 
characterized by mode-I and delamination toughness respectively. These models successfully 
predict the experimental observations and design maps revealing possible ways to increase the 
penetration resistance were constructed based on the theoretical study.  
 
We then present in Chapter 4 a numerical study on the mechanisms by which failure is initiated 
in cross-ply UHMWPE composite beams impacted by cylindrical projectiles. The crystal 
plasticity framework developed in Chapter 3 is used to model each ply and failure mechanism 
maps are constructed for a range of impact velocities, beam shear strengths and ply tensile 
strengths. We identify two dominant failure modes from the study. The mode I failure is the 
failure of plies immediately under the projectile via an indirect tension mechanism. The mode 
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II failure is due to the fibre straining at the rear of the impacted beam resulting from beam 
bending and ply stretching. For beams with low shear strengths, mode-I indirect tension failure 
is the dominant failure mode while for beams with high shear strengths, failure is governed by 
the mode-II failure. It is found that low shear strengths help to relax tensile stresses within the 
beam, and results in the need for higher impact velocity to initiate failure. Thus the numerical 
calculations provide a mechanistic understanding of the experimental observations that 
composites with low shear strengths possess a higher ballistic performance.  
 
In Chapter 5, we investigate the dynamic in-plane compressive response of cross-ply 
UHMWPE composites in the range 0.01 s−1 to 4000 s−1. The strain rate sensitivity is mild 
for strain rates less than about 100 s−1 but a steep increase is observed at higher rates. We 
show that the governing deformation mechanism over the whole range of strain rates 
investigated is kinking (micro-buckling) of the plies. In order to gain a mechanistic 
understanding of the measured strain rate sensitivity, we employed finite element calculations 
of the compression experiments with each ply explicitly modelled using the crystal plasticity 
model developed in chapter 3.  In the calculations, two limits are considered with perfectly-
bonded plies and completely un-bonded plies. The calculations with perfectly-bonded plies 
agree well with the measurements confirming that ply delamination plays a small role in setting 
the compressive strength at least at moderate strain levels. Additionally, the calculations reveal 
that misalignment of the specimen between the compression platens has a strong influence on 
the compressive response. Importantly, it is revealed that the strong rate sensitivity observed 
for strain rates above 100 is mainly associated with rate sensitivity of the matrix rather than the 
inertial stabilization effect.  
 
Finally in Chapter 6, the overarching conclusion drawn from these studies are discussed along 
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1    Introduction 
 
Ultra-high molecular weight polyethylene (UHMWPE) fibre composites are made of strong 
UHMWPE fibres with a compliant polyurethane matrix. The UHMWPE fibres and composites 
are increasingly used in a wide range of engineering applications including fish ropes, cutting 
resistant gloves, golf clubs and radomes (Marissen, 2011). In the form of cross-ply composites 
with a [0°/90°  stacking sequence, they possess exceptional impact and penetration resistance 
(Van Der Werff and Heisserer, 2016) and are hence considered to be state-of-the-art materials 
for ballistic protection applications.  
 
Driven by the interests on their high ballistic performance, a large volume of research has 
investigated the dynamic impact (Attwood et al., 2016) and static indentation mechanism 
(O’Masta et al., 2016) of the composites using blunt (spherical or flat-bottomed) projectiles. 
When impacted by such projectiles, the composites fail by the so-called indirect tension 
mechanism (Attwood et al., 2014), where the compressive stress imposed normal to the plies 
induces tensile in-plane ply straining due to the anisotropic expansion of the alternating plies. 
However, few studies have focused on the penetration mechanisms of the composites by sharp-
tipped projectiles.  
 
A common way to understand the ballistic performance of fibre composites is provided by 
Cunniff (1999). He used dimensional analysis to suggest that the ballistic limit velocity is 
governed by a material-dependent property which is related to the specific stiffness and energy 
absorption of the composites. While the Cuniff theory is shown to be invaluable to predict the 
ballistic limit of single fibres, it is less successful when used to gauge the ballistic performance 
of fibre composite structures. The primary limitation of the Cunniff model is that it suggests 
the ballistic limit velocity is independent of the composite shear strength. However, a range of 
experimental findings (De Ruijter et al., 2010; Karthikeyan et al., 2013; Yu et al., 2017) on 
composite materials suggests that the shear strength plays a critical role and the ballistic limit 
velocity tends to increase for composites with lower shear strength. A mechanistic 




The UHMWPE composites are primarily used under dynamic loading and subjected to 
complex multi-axial stress fields, hence it is important to understand the dynamic properties of 
the composites in all loading directions. A large number of studies have investigated tensile 
properties of the composites (Govaert and Peijs, 1995; Kromm et al., 2003; Russell et al., 2013) 
while a few studies focused on their out-of-plane compression responses (Shaker et al., 2017). 
Surprisingly very few studies have focused on their in-plane compressive response with one 
exception from Attwood et al. (2015) who reported the static in-plane compression of the 
composites. On the contrary, the dynamic in-plane compressive response of the composites 




This thesis aims to explore the micromechanics of the UHMWPE composites by considering 
the following objectives: 
(i) To develop an understanding of the deformation and failure mechanisms of both 
unidirectional (UD) and cross-ply composites penetrated by a sharp-tipped punch, and to 
contrast them with those of blunt punches. 
(ii) To investigate the interplay between ply shear strength, tensile fibre strength, beam 
thickness and impact velocity on the mechanisms by which failure is initiated in composite 
beams impacted by blunt projectiles.  
(iii) To understand the dynamic in-plane compressive response of the UHMWPE composites 
and explore the strain rate sensitivity of these materials.   
 
 
1.2  Outline 
The thesis comprises of three studies and is constructed as follows. Chapter 2 reviews the 
existing literature on the mechanical response as well as the ballistic impact mechanism of 
UHMWPE fibres and composites.  
 
Chapter 3 investigates the deep penetration mechanisms of the UHMWPE fibre composites by 
sharp-tipped punches. The associated failure mechanisms are revealed and the effect of punch 




Chapter 4 studies the impact mechanisms of UHMWPE composite beams by blunt projectiles 
and develops failure mechanism maps to reveal the interplay between ply shear strength, tensile 
ply strength and impact velocity on the failure initiation in the composite beams.  
 
Chapter 5 explores the high strain rate compressive response of the UHMWPE composite and 
investigates the material strain rate sensitivity as well as the relative influence of inertia and 
matrix rate effects.   
 
Finally, in chapter 6 the overall conclusions of the thesis are presented with recommendations 
for future work.  
 
 
1.3 Published work 
The thesis was based upon journal articles written over the course of my study. Chapter 3 was 
based on an article published in Journal of the Mechanics and Physics of Solids. A paper based 
on Chapter 4 was submitted to International Journal of Solids and Structures. A paper based 
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2. Literature review 
 
Ultra-high molecular weight polyethylene fibre composites are considered to be state-of-the-
art materials for ballistic and impact protection applications. Over the past two decades, 
intensive research has been conducted on ultra-high molecular weight polyethylene 
(UHMWPE) fibres and composites. The following literature survey begins with a brief 
introduction on the UHMWPE fibres and UHMWPE composites, followed by a review of the 
characterization of their mechanical properties in tension, shear and compression. We then 
discuss the studies on the indentation and impact response of the UHMWPE composites as 
well as the associated modelling frameworks, and contrast them with other conventional 
composite materials such as carbon fibre reinforced plastics as well as aramid woven fabrics.   
 
 
2.1 UHMWPE fibres and their applications 
UHMWPE in the bulk form is a linear homopolymer first synthesized by Karl Ziegler in 1953, 
at the Max Planck Institute in northern Germany (Kelly, 2002). The polymer possesses a repeat 
unit [C2H4]𝜂 as seen in Fig. 2.1a, where 𝜂 denotes the degree of polymerization. According to 
ASTM standards (ASTM, 2018), the term “ultra-high” indicates that this class of polyethylene 
possesses a degree of polymerization 𝜂 ≈ 110,000, which is 10−100 times higher than the 
standard high density polyethylene. The material is a semi-crystalline polymer which consists 
of a crystalline phase and an amorphous phase (Lin and Argon, 1994). The extremely long 
polymer chains of the molecule result in exceptional friction and wear resistance. Additionally, 
the bulk UHMWPE is biologically inert, hence it is widely used in arthroplasty for total joint 
replacement today (Kurtz, 2004). 
 
In 1979, Smith et al. (1979) reported a solution spinning/drawing process to produce 
UHMWPE fibres, as depicted in Fig. 2.1b. The high molecular weight polyethylene is first 
dissolved in a volatile solvent under nitrogen. The polymer solution is then drawn through a 
fine spinneret and the liquid filament is then quenched in a cooling bath of inert gas or insoluble 
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liquid to form a gel fibre. The gel fibre is subsequently drawn at high strain rate of the order 1 
s−1 through an air oven to remove the solvent and yield the highly oriented UHMWPE fibres 
(Smith and Lemstra, 1980; Russell et al. 2013).  
 
Figure 2.1: (a) Chemical structure of polyethylene. (b) Sketch of the solution spinning/drawing 
process in manufacturing the UHMWPE fibres. (c) Schematic illustration showing the improvement 
of molecular orientation and crystallinity of the UHMWPE fibres through the solution 




The drawing process results in UHMWPE fibres with highly aligned molecular chains which 
significantly improve the mechanical properties of the material along the fibre direction. 
Compared to the bulk UHMWPE which possesses a typical tensile strength of 20−40 MPa 
(Greer et al., 2004), the fibres produced using the drawing process have a typical tensile 
strength of  3 GPa with a molecular orientation greater than 95% and crystallinity of up to 85% 
(Van, Dingenen, 2001), as depicted in Fig. 2.1c. Fig. 2.2 shows the material property chart of 
specific strength versus specific modulus for common fibres. It is clearly seen that the 
UHMWPE fibres are among the best when gauged by specific stiffness and strength.    
 
 
Figure 2.2: Material property chart for specific strength versus specific modulus for common fibres. 
Source: O’Masta et al. (2014). 
 
UHMWPE fibres were later commercialized by DSM (DSM, Het Overloon 1, 6411 TE Heerlen, 
The Netherlands) under the trade name Dyneema® in Europe, and Honeywell (Honeywell 
Advanced Fibers and Composites, Morris Township, N.J., USA) under the trade name Spectra® 
in the US. A combination of low density and high strength make the fibres appealing for 
multiple industries. Ropes, lines and slings made of UHMWPE fibres possess a density of 
about 970 kg m−3 and are capable of floating in water. The ultra-strong fibres make it possible 
to use thinner yarns which can reduce drag and consequentially lead to less fuel consumption. 
Therefore they are ideal for heavy-lifting and off-shore applications. In the meanwhile, the 
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fibres are also difficult to cut and resistant to wear, thus they are widely used to make cutting-
resistant gloves and denim (DSM.com).   
In addition to their superior mechanical properties, UHMWPE fibres possess good 
multifunctional properties. They are attractive materials for the apparel industry as the high 
thermo-conductivity yielded from the highly aligned fibres (Shen et al., 2010) allows heat from 
the body to be efficiently transferred to the environment (Marissen, 2011). The fibres are shown 
to be transparent to a wide range of radio wave frequencies hence they are also ideal for 
radomes (Kozakoff et al., 2017). 
 
 
2.2 UHMWPE fibre composites and their manufacturing process 
Although the UHMWPE fibres and composites have an incredibly wide range of applications, 
in the current study we shall focus on their use for the ballistic protection applications. In these 
cases, 10 − 20 μm diameter UHMWPE fibres are combined with polyurethane matrices to 
form unidirectional plies with ply thicknesses ranging from 20 μm  to 100 μm  and fibre 
volume fractions of 80 - 85% with the unidirectional plies typically combined to form a 
[0o/90o  cross-ply composite. The composites have been proved to possess exceptional 
ballistic and impact resistance (Van Der Werff and Heisserer, 2016). They are widely used in 
personal and vehicle armours as well as bullet-proof helmets (Jacobs and Van Dingenen, 2001). 
According to Russell et al. (2013) and Attwood et al. (2014), the cross-ply UHMWPE fibre 
composites are manufactured in the following steps (see Fig. 2.3): 
(i) A gel-spinning/hot drawing process (Smith et al., 1979; Smith and Lemstra, 1980) is used 
to produce highly orientated and highly crystalline fibres of diameter 17 μm.  
(ii) Fibres are coated in a resin solution and are then formed into a [0o/90o/0o/90o  stack. A 
drying process removes the matrix solvent from the stack, and several stacks are placed on top 
of each other in order to form the desired laminate. 
(iii) The laminate is hot pressed at a temperature below that where the molecular crystallinity 
is lost. Bonding of the layers is achieved through use of a sufficiently high temperature to 
induce partial melting of the matrix material. The fibre diameter is unchanged by the hot-





Figure 2.3: Sketch of the manufacturing steps in making the UHMWPE composites. Source: Russell 
et al. (2013). 
 
 
2.3 Mechanical characterization of the UHMWPE composites  
In order to understand the ballistic and impact mechanisms of the UHMWPE composites which 
involves complex multi-axial stress fields, it is crucial to first investigate the materials’ 
response to basic loadings. In this section, we review the existing literature on the static and 
dynamic response of both UHMWPE fibres and UHMWPE fibre composites, in terms of three 
most basic modes of deformation: tension, shear and compression.   
 
2.3.1 Tension  
As one of the most basic modes of deformation, the tensile response of the UHMWPE 
composite has been widely studied in the literature. A series of early works (Capaccio et al., 
1976; Capaccio and Ward, 1973; Gibson et al., 1974) focused on the static response of the melt-
spun/drawn polyethylene fibres. They revealed that the tensile response of the fibres is elastic 
with Young’s moduli increasing with the drawn ratio. With a drawn ratio of about 30, the 
moduli can reach 70 GPa which is comparable to the theoretical attainable unidirectional 
modulus of fully aligned polyethylene chains which is on the order of 220 GPa (Frank, 1970). 
In addition, it is found that the material tends to creep over a long period of time at a given 
stress, and both reversible viscoelastic creep and irreversible plastic flow can be observed 
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during the experiments (Wilding and Ward, 1978). Later work by Govaert and Lemstra (1992) 
shown that the gel-spun/drawn UHMWPE fibres possess similar tensile and creep behaviour 
and revealed that the irreversible plastic flow is related to the translational movement of the 
molecular chains within the crystal region of the fibre, while the reversible part of the creep 
deformation is related to the imperfect extension of the molecular chains. Berger et al. (2003) 
investigated the tensile creep deformation of the UHMWPE fibers under using Raman 
microscopy, they found that the stress distribution within the fibres during the tensile test is not 
uniform, and the peak stresses located in a small fraction of the fibre. They thus concluded that 
the discrepancy between the theoretically feasible and practically achievable strength and 
modulus is caused by the defects in the non-perfect structure of the manufactured UHMWPE 
fibres. In order to improve the creep properties, Jacobs et al. (2000) proposed a chemical cross-
linking method and reported that the creep rate of the fibres can be significantly reduced at an 
expense of slightly decreased fibre stiffness and strength.  
 
The effect of strain rate on the tensile response of the UHMWPE fibres is also extensively 
studied in the literature. At strain rates below 0.1 s−1, the creep effect described above becomes 
significant, with a drop in both stiffness and strength of the fibre observed from the experiments 
(Koh et al., 2010; Kromm et al., 2003; Peijs et al., 1994). By contrast, the fibres are found to 
be almost insensitive to the strain rate in the range 0.1 s−1 to 1000 s−1 (Huang et al., 2004; 
Koh et al., 2010; Russell et al., 2013). Although the measured tensile strength of the fibres (on 
the order of 2.5 GPa at high strain rates) is consistent in the literature, the actual value of the 
tensile stiffness of the fibre is subjected to some debate. Huang et al. (2004) used a tensile 
Hopkinson pressure bar method and measured the dynamic stress strain relationship of the 
fibres under impact loading and reported a fibre stiffness of about 80 GPa. Using a similar 
method, Koh et al. (2010) reported a fibre stiffness of about 60 GPa. In a comprehensive study, 
Russell et al. (2013) pointed out that the inconsistent and often un-repeatable stiffness 
measurement from the literature is resulted from the fact that the strain measured from a tensile 
Hopkinson bar test is often inferred from the displacement of the grip, and the slip between the 
grip and the fibre leads to an over-estimation of the actual strain. They proposed a modified 
experimental apparatus as sketched in Fig. 2.4a, where the fibres are wrapped around a semi-
circular anvil and adhered to it in order to ensure the correct measurement of the axial strain. 
It is shown that the stiffness of the UHMWPE fibre is on the order of 130 GPa at strain rates 
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higher than  0.1 s−1. The measured stress strain relationship from Russel et al. (Russell et al., 
2013) is presented in Fig. 2.4b at selected strain rates.  
 
 
Figure 2.4: (a) The experimental set-up used to measure the dynamic tensile stress strain response of 
the UHMWPE fibres. (b) The stress and strain relationship of the UHMWPE fibres at selected strain 
rates. Source: Russell et al. (2013). 
 
Several studies have considered the in-plane tensile response of the UHMWPE composite, in 
the form of cross-ply [0°/90°] structure. Similar to the fibre case, the exact value of the 
stiffness as well as the tensile strength of the UHMWPE composite is not consistently reported 
in the literature. Early studies (Chocron et al., 2014; Koh et al., 2008) using standard Instron 
and tensile Hopkinson bar tests reported a stiffness of about 5 GPa and a strength of 500 MPa 
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at quasi-static strain rate, with a strong rate sensitivity on both stiffness and strength of the 
composites. In addition, the measured stiffness and strength is one order of magnitude smaller 
than the measured fibre properties. The reason of this discrepancy is due to the fact that it is 
hard to introduce tensile load to the specimen because of the soft matrix which comprises the 
composite. 
 
To address this problem, Russell et al. (2013) designed a dog-bone specimen (Fig. 2.5a) to 
introduce high axial stresses into the gauge section to avoid pull-out of the fibres from the 
gripped region by shear, and consequently measured a stiffness and strength which is 
comparable to the fibre stiffness when converted to the fibre stress according to the rule of 
mixture, as shown in Fig. 2.5b. Using a similar design, Lässig et al. (2016) measured the same 




Figure 2.5: (a) The dog-bone specimen used to measure the tensile response for the UHMWPE 
composite. (b) Comparison of the tensile fibre stress versus axial strain for the UHMWPE fibre and 
composite. Source: Russell et al. (2013). 
 
A detailed experimental and numerical study by Hazzard et al. (2015) revealed that the through-
thickness strain distribution at the centre of the specimen as sketched in Fig. 2.5a is still not 
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uniform, and a small portion of fibre being pulled out is observable after the test. Furthermore, 
the experimental set up developed in the literature (Hazzard et al., 2015; Lässig et al., 2016; 
Russell et al., 2013) is only capable of measuring the low strain rate response up to 10−2 s−1, 
and a dynamic experiment which is capable of accurately measuring the tensile stress strain 
response of the UHMWPE composite still remains elusive. However, considering the fact that 
the volume fraction of fibre is about 83% in the composite, it is reasonable to expect that the 
strain rate sensitivity of the composites should be similar to that of the fibres, such that the 
tensile response is relatively insensitive to the strain rate in the range 10−1 s−1 to  103 s−1. 
 
2.3.2 Shear  
In contrast to the well-recorded studies on the tensile response of the UHMWPE fibre, few 
studies directly investigated the shear response of the material. One exception is Hine and Ward 
(1996), who measured the elastic shear modulus of the fibre using an ultrasonic immersion 
method Dyer et al. (1992), and reported a shear modulus of 1.36 GPa. Additionally, the 
theoretical study by Dong et al. (2018) developed a combined continuum−molecular dynamics 
model and predicted a shear modulus of the fibre in the order of 0.5 to 1 GPa with a shear yield 
strength of 0.1 to 0.5 GPa depending on the elastic properties of the amorphous phase of the 
fibres.  
 
For the UHMWPE composites, Liu et al. (2014) conducted a double-notched shear test to 
measure the interlaminar shear properties for cross-ply UHMWPE composite using the set-up 
sketched in Fig. 2.6a. A three-hole arrangement was employed to introduce localized shear 
deformation on the two planes marked by the dotted lines, with the shear traction derived from 
the load measured from the end of the specimen. The measured shear traction versus 
displacement relation reported in Liu et al. (2014) is presented in Fig. 2.6b and it is seen that 
the interlaminar shear strength of the composite is about on the order of 2 MPa which is 
governed by the matrix property. Similar responses are also reported by Attwood et al. (2014) 
suggesting that the composite possesses a shear strength of a few MPa. However, the 
experimental set up by Liu et al. (2014) is not capable of measuring the shear strain and 
subsequently the shear strain rate due to the non-uniform distribution of the shear deformation 




An alternative way to indirectly measure the shear response of the UHMWPE composite is to 
measure the tensile response of a specimen ± 45° lay up using the apparatus sketched in Fig. 
2.5a, as the deformation is mainly achieved by scissoring of the fibres and shearing of the 
matrix (Hazzard et al., 2015; Russell et al., 2013). It is hard to derive the actual shear stiffness 
and strength from this type of experiment as the shear deformation is accompanied with the 
orientation-hardening due to the rotation of the fibres. However, the test is capable of indicating 
the relative shear response of the composite and is employed by Hazzard et al. (2015) to study 
the effect of the consolidation pressure (see Fig. 2.3) on the shear response of the composite. 
It is revealed that the shear strength of the composite increase with the consolidation pressure 
while the shear stiffness remains approximately the same.  
 
 
Figure 2.6: (a) Sketch of the double-notched shear test used to measure the interlaminar shear 
response of the UHMWPE composite. (b) The measured shear traction versus displacement relation. 
Source: Liu et al. (2014). 
 
2.3.3 In-plane compression 
The UHMWPE composites are rarely used as a structural component due to their low shear 
strength as discussed in Section 2.3.2, and hence few studies focused on their in-plane 




Figure 2.7: (a) Sketch of the experimental setup for the recoil test used to measure the compressive 
strength of the UHMWPE fibre. (b) Post recoil test SEM micrographs showing the kink developed 





compressive response of both UHMWPE fibres as well as UHMWPE fibre composites. They 
employed a recoil test based on the experimental procedure developed by Allen (1987) to 
measure the compressive strength of the fibre, as sketched in Fig. 2.7a. A single fibre was 
suddenly cut, thus resulting in a zero-stress wave front to travel upstream along the fibre 
direction. Upon reflection at the rigid support, a compressive stress wave was generated and 
subsequently resulted in the kinking compressive failure (Fleck, 1997) of the fibres. A post 
recoil test scanning electron microscopy (SEM) image is shown in Fig. 2.7b and a single kink 
of a few μm wide is clearly visible. The compressive strength of UHMPW fibres measured 
from the recoil test is on the order of 300 MPa and is one order of magnitude lower than the 
tensile strength which is on the order of 2.5 GPa (Russell et al., 2013).  
 
Attwood et al. (2015) also investigated the in-plane compressive response of UHMWPE 
composites under quasi-static loading. They found that the compressive response comprised of 
an initial linear elastic phase followed by subsequent softening. It was shown that the peak 
compressive strain is governed by the inter-laminar shear strength and ply waviness of the 
composites, and hence the composites fail by plastic micro-buckling (Fleck, 1997) which is a 
common failure mechanism for conventional composite materials such as carbon fibre 
reinforced plastics (CFRP). The main difference is that the UHMPWE composites fail by the 
micro-buckling on the ply level rather than the fibre level. The peak compressive strength is 
observed to be on the order of a few MPa. They demonstrated that, with continued compression, 
a kink band of width approximately 1 mm at an inclined angle of about 30° is formed. The 
kink band rotates with increasing level of applied strains until the ply rotates to a lock up angle 
of approximately 60°, after which the compression occurs with broadening of the kink and the 
kink fixed at a constant rotation angle. Furthermore, they employed the classical kinking theory 
by Budiansky and Fleck (1993) for CFRP composites and demonstrated that the theory suffices 
to predict the compressive strength of the UHMWPE composites. 
 
2.3.4 Out-of-plane compression 
There are growing interests in the past few years on the out-of-plane compressive responses of 
the UHMWPE fibres and composites, as the compressive loading is common in ballistic and 
impact applications. For the UHMWPE fibres, both static (Golovin and Phoenix, 2016; 
McDaniel et al., 2017) and dynamic (Sockalingam et al., 2018) stress-strain relations have been 
investigated in the literature. An early study by Hine and Ward (1996) using the ultrasonic 
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velocity method reported a transverse compressive stiffness on the order of 5 GPa. McDaniel 
et al. (2017) investigated the quasi-static compressive response of a single fibre on a custom-
built compression apparatus fit to an Instron MicroTester. They observed that the stress-strain 
relation is non-linear with an initial elastic regime followed by a plastic hardening regime as 
the strain increases. The elastic modulus is estimated to be about 2 GPa with a yield strength 
in the order of 20 MPa. Additionally, it is observed that the plastic Poisson’s ratio is greater 
than 0.5 and fibre reorientation as well as initiation and growth of nanoscale voids is shown to 
become significant with increasing plastic strain. Sockalingam et al. (2018) measured the 
dynamic compressive response of the fibres with a Kolsky bar using the method developed by 
Casem et al. (2012) of strain rate in the range 104 s−1 to 105 s−1. Similar non-linear inelastic 
stress strain relations are observed as the quasi-static case and the compressive stress is seen to 
increase with increasing strain rate.  
 
The out-of-plane compressive response of the UHMWPE composites is investigated by 
Attwood et al. (2014) for both unidirectional (UD) and cross-ply [0°/90°  composites. Similar 
to the fibre case, the response of a UD composite is elasto-plastic comprising a linear elastic 
phase followed by a plastic hardening phase, as shown in Fig. 2.8a. The compressive stress 
increases mildly to a strain of approximately 0.4 after which it rises sharply, and the response 
is shown to be independent of the size of the specimen. No catastrophic failure can be observed 
even at large strain and the composite deforms with shear band formation and significant lateral 
expansion.   
 
By contrast, the compressive response for cross-ply composite is rather different from the UD 
composite (Attwood et al., 2014). It is found that the compressive response is dependent on the 
size of the specimen. With a specimen size smaller than 4 mm, the stress strain response is 
similar to the UD case with a linear elastic phase followed by a plastic hardening phase, as seen 
in Fig. 2.8b. For specimens with size greater than 4mm, the response becomes approximately 
linear elastic as evidenced from the unloading curve shown in Fig. 2.8c. It is also reported that 
the compressive strength is dependent on the thickness of each individual ply with the strength 
increasing with decreasing ply thickness. Furthermore, catastrophic failure is observed at the 
peak stress accompanied by significant acoustic emission resulting from fibre tensile fracture. 




Figure 2.8: Out-of-plane compressive response of (a) unidirectional composites and (b) cross-ply 
composites with specimen size smaller than 4mm. (c) cross-ply composites with specimen size 
greater than 4mm. Source: Attwood et al. (2014). 
perpendicular to their fibre direction, as shown in Fig. 2.9a. Attwood et al. (2014) demonstrated 
that the observed deformation and failure mechanism can be explained by the indirect tension 
theory which is first hypothesised by Woodward et al. (1994).  Upon compression, the plastic 
Poisson expansion caused the individual 0°  and 90°  plies to expand in the direction 
perpendicular to their reinforced direction, while the Poisson expansion parallel to the fibre 
direction is small due to the high fibre stiffness. This anisotropic Poisson expansion resulted in 
the 0° ply to be loaded in tension which is generated by the adjacent 90° ply above and below 
it, as sketched in Fig. 2.9b. This tensile stress is transferred between the plies via a shear lag 
mechanism, and tensile ply failure occurs when the stress within the ply exceeds the ply 
strength. The predictions from the indirect tension model agree well with the experimental 
observations, and the model is capable of explaining both specimen size and ply thickness 




The Experimental study by O’Masta et al. (2015b) investigated the defects within the cross-
ply UHMWPE composites as well as their influence on the out-of-plane compressive strength. 
They identified two types of defects within the composite: (i) tunnel cracks that resulted from 
anisotropic thermal contraction of the plies after the manufacturing and (ii) void-like defects 
resulting from missing groups of fibres. Both defects extended many centimetres in a ply’s 
fibre direction. It is revealed that the type one defects have minimal effects on the compressive 
strength as they health upon out-of-plane compression. On the contrary, the type two defects 
significantly degrade the composite’s strength which is predicted by the indirect tension model 
such that the missing fibres reduced the tensile load carrying capacity of the composites.  
 
The dynamic compressive response of the cross-ply UHMWPE composites was investigated 
by Walley et al. (2009) using drop-weight tests and subsequently Shaker et al. (2017) and Zhu 
et al. (2017) using split Hopkinson pressure bar tests. It is seen that the compressive strength 
increases with increasing imposed strain rate. Furthermore, the failure process is again highly 
energetic with a massive amount of heat generated during the compression that can cause 





Figure 2.9: (a) A top view image of a cross-ply composite compressed to failure where the 
compressive load is applied along the −𝑋3 direction. Source: Attwood et al. (2014). (b) Schematic 
illustration of a cross-ply composite subjected to out-of-plane compressive loading. The out-of-plane 
compressive load is converted to the in-plane tensile load via the shear lag mechanism at the edge of 





2.3.5 Indentation  
The actual deformation and failure of the UHMWPE composites during a ballistic impact 
process are complicated and often hard to investigate due to their transient dynamic nature. As 
an initial step to understand the impact mechanisms, quasi-static indentation tests provide 
valuable insights into the deformation and failure mechanisms during the impact process. The 
indentation response of cross-ply UHMWPE composites is investigated in the literature for 
both plate structures (O’Masta et al., 2016) and beam structures (Attwood et al., 2016) using 
flat-bottomed punches. It is shown that the typical indentation response resulted in a ‘saw-tooth’ 
load versus displacement profile with increasing indentation depth as presented in Fig. 2.10a. 
The deformation and failure immediately underneath the indenter is shown in Fig. 2.10b at four 
different indentation depth (Attwood et al., 2016), and a progressive failure mode is clearly 
observed from the images. Optical micrographs (O’Masta et al., 2016) obtained after the 
indentation test (Fig. 2.10c) suggest that the sudden load drop observed in the Fig. 2.10a is 
caused by the tensile failure of the fibres immediately underneath the punch, and the damage 
mode is similar to that observed in the ballistic impact experiments (O’Masta et al., 2014a, 
2015a). Additionally, the peak indentation pressure observed from the experiment is on the 
order of 2 GPa which is identical to the intrinsic compressive strength of the composite. These 
observations indicate that the failure caused by the indentation of a flat-bottomed punch is the 
indirect tension mechanism (Fig. 2.10d) rather than the shear-plug mechanism which is 
common in conventional composites with a stiffer matrix such as carbon or glass-fibre 
reinforced composites (Cantwell and Morton, 1990; Culnane et al., 1991; Gama and Gillespie, 
2008). In fact, Attwood et al. (2016) developed an analytical model to predict the peak 
indentation stress associated with the shear plug failure based on the classical results of the 
pressure distribution on the indented surface given by Johnson (2003). They argued that if the 
composites were to fail by shear then the peak indentation pressure should scale with the 
inverse square root of the indenter’s width. However, their experiments (Attwood et al., 2016) 
shown that the peak pressure is independent to the indenter’s width and thus failure is not 
governed by the high stress concentration at the edges of the projectile. Therefore, penetration 
and failure of the UHMWPE composite by blunt projectiles are achieved by tensile fibre (and 




Figure 2.10: (a) Typical indentation pressure versus displacement relation at selected punch 
displacement rate showing the ‘saw-tooth’ profiles for the indentation of cross-ply UHMWPE 
composites. (b) Montage of images showing the deformation and failure of the composites 
immediately under the indenter. Images are shown for four different values of indentation depth 𝛿. 
(c) Optical micrographs showing the indirect tension failure of UHMWPE composites after 
indentation. (d) Schematic illustration of the indirect tension mechanism developed immediately 
underneath the punch by the indentation of a cross ply UHMWPE composite. Source: Attwood et al. 
(2016), O’Masta et al. (2016).   
23 
 
2.4 Ballistic impact response of UHMWPE composites 
 
2.4.1 Ballistic impact of single fibre   
The study of impact mechanisms of single fibres/yarns can be traced back to the well-known 
study by Von Karman and Duwez (1950), where the stress wave caused by the longitudinal 
impact at the end of a cylindrical bar was theoretically analysed. Following Von Karman and 
Duwez (1950), Smith et al. (1958) investigated the transverse impact at the centre of an 
infinitely long single fibre/yarn and revealed the underlying mechanisms that govern the 
deformation of the material. It is shown that upon impact, two stress waves which travel at 
different velocities emanate from the centre of the fibre and propagate symmetrically along the 
longitudinal direction. The first stress wave is an elastic tensile stress wave which is associated 
with longitudinal stretching of the fibres, while the second stress wave is associated with 
transverse deflection of the fibre and can be visualised by a traveling “shear hinge” at a much 
lower velocity. Further, it is revealed that the impact resulted in a ‘V’ shaped profile which 
evolves in a self-similar manner.    
 
The theory by Smith et al. (1958) on the deformation of a single fibre/yarn under impact has 
been experimentally validated by numerous studies for different types of fibres including 
UHMWPE fibres, see for example (Bazhenov et al., 2001; Carr, 1999; Chocron et al., 2011). 
In general, it is found that the analytical prediction on the transverse wave speed as well in the 
fibre agrees well with experimental observations (Chocron et al., 2011). However, the theory 
tends to overpredict the critical velocity at which the fibre ruptures, and this was investigated 
by Bazhenov et al. (2001) for the impact of aramid fibres using spherical projectiles. They 
argued that the combined effect of nonlinear stress-strain response of the fibres as well as the 
detailed projectile geometry caused the observed discrepancy. Using finite element simulations, 
Walker and Chocron (2011) reported the deformation of single fibre impacted by flat-bottomed 
projectiles. They show that the critical velocity is at least 11% lower than the classical 
predictions if the effect of strain waves launched from the edges of the projectile is accounted 
for. Furthermore, they have shown that a 40% reduction on the critical velocity can be 
explained if the yarn were to ‘bounce off’ the projectile during the impact process, such that 
the particle velocity is doubled in the elastic case. Such ‘bounce off’ mechanism was captured 
in their study using the numerical simulations as well as experimentally observed by Field and 
Sun (1990) for the impact of spherical projectiles on a rubber band. Song et al. (2011) used a 
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split Hopkinson bar test with high speed photography to reveal the transient deformation of 
single Kevlar fibres. However, the ‘bounce off’ mechanism as proposed by Walker and 
Chocron (2011) was not observed. In a comprehensive study, Phoenix et al. (2017) took 
account for the local stress wave propagation immediately under the projectile and shown that 
the mismatch between the classical theory and the experimental observations on the critical 
velocity can be explained by considering the tensile wave collision mechanism within the fibre. 
Overall, the extensive studies on the impact of single fibre/yarn reveal that the critical velocity 
associated with fibre rupture is dependent on the complex stress distribution immediately 
underneath the projectile.  
 
In an effort to specify the governing mechanical and geometrical properties that affect the 
ballistic performance of the fibres, Cunniff (1999) used dimensional analysis supported by a 
wealth of experimental data to show that the ballistic limit velocity, labelled 𝑉50, is governed 
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where ?̅?𝑑 and ?̅?𝑝 are the areal densities of fibres and projectile respectively while the material-










Here, 𝜎𝑓  and 𝜀𝑓  fibre tensile strength and failure strain, respectively while 𝑌𝑓 ≡ 𝜎𝑓/𝜀𝑓  is 
Young’s modulus of the fibres. This analysis suggests that the 𝑉50 scales with a material 
dependent velocity 𝑐∗ and confirms that a high specific strength and stiffness enhances ballistic 
performance. More importantly, 𝑐∗ is a metric that aids to vector the development of ballistic 
fibres as fibres with a higher 𝑐∗  are predicted to have a higher ballistic performance. A 
mechanistic explanation for the existence of the material parameter 𝑐∗  was provided by 
Phoenix and Porwal (2003) by assuming that the impacted fibres deform in a string-like 
stretching mode, and they subsequently derived a mathematical expression of the function Φ 
which is proven to be basically material-independent. A material property map with axes of 
specific energy absorption  (𝜎𝑓 𝜀𝑓)/𝜌𝑓  and longitudinal wave speed √(𝑌𝑓/𝜌𝑓 ) is shown in Fig. 
2.11 with contours of constant Cunniff velocity c* included. It is clearly seen that the 
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UHMWPE fibres (Dyneema® SK76) possess one of the highest c* values among the range of 




Figure 2.11: Material property chart comparing the specific energy absorption (𝜎𝑓 𝜀𝑓)/𝜌𝑓  and 
longitudinal wave speed √(𝑌𝑓/𝜌𝑓 ) for different fibres. Contours of the Cunniff velocity, c*, are also 
plotted. Source: O’Masta et al. (2014). 
 
2.4.2 Ballistic impact of UHMWPE fibre composites   
The ballistic impact of UHMWPE composites is drawing considerable interest in recent years. 
Chocron et al. (2013) investigated the ballistic impact mechanisms of cross-ply UHMWPE 
composites with different thicknesses ranging from 0.12 mm (4 alternating UD plies) to 23 mm 
(147 plies) using fragment simulating projectiles (FSP), and compared the results with the 
classical impact theory for single fibres (Smith et al., 1958). They revealed that upon impact, 
the composites deflect in a self-similar manner which resulted in a ‘V’ shaped profile as 
observed in the fibre case (see Section 2.4.1). Furthermore, the elastic tensile wave velocity as 
well as the transverse shear hinge velocity measured from the impact of composites agrees well 
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with those predicted using the classical fibre impact theory. In addition, they reported that a 
brief flash lasting in the order of microseconds can be observed immediately after the impact 
and argued that this might be due to the autoignition of the material.  
 
On the other hand, the failure mechanism of the composites is much more complicated 
compared to that of single fibres. Numerous studies have investigated the ballistic impact 
mechanism of UHMWPE composites using a blunt (spherical or flat-bottomed) projectile. An 
early study by Lee et al. (1994) investigated the failure mode of laminated as well as woven 
Spectra® fibre composites impacted by FSP. They observed sequential delaminations between 
the adjacent layers, shear failure of the fibres near the edge of the projectile resulting in the 
formation of a cut-out plug (shear plug) as well as tensile failure of the fibres after the tests. 
The shear plug failure mechanism has also been observed by Flanagan et al. (1999) for woven 
fabrics made of Spectra® fibres. However, this shear plug failure mode has not been observed 
in a series of recent experiments (Attwood et al., 2016; Karthikeyan et al., 2013a, 2013b; 
O’Masta et al., 2014) on cross-ply Dyneema® fibre composites. Rather, the failure is 
dominated by the indirect tension mechanism (Attwood et al., 2016) as explained in section 
2.3.5. Furthermore, experiments (Karthikeyan et al., 2013b) have shown that the failure of the 
UHMWPE composites impacted by blunt projectiles is progressive, with the fibre immediately 
underneath the projectile fail first and the number of failed plies increasing with increasing 
velocity. Fractographic studies by Greenhalgh et al. (2013) investigated the penetration of thick 
UHMWPE composites (in the sense that the projectile diameter is much smaller than the 
thickness of the composites). They reported that a major delamination crack can be identified 
after the test, and this delamination crack divides the composite into two regions. The portion 
of the composites within the regime which is close to the projectile is subjected to fibre fracture 
with mild delamination and little deflection, while in the region away from the projectile large 
deflection of the composite can be observed accompanied with severe delamination between 
the adjacent plies. 
 
The effect of ply lay up on the ballistic performance of UHMWPE composites using blunt 
projectiles is investigated by Karthikeyan et al. (2016) and Hazzard et al. (2017). It is shown 
that the ballistic limit velocity is highest for composites with a cross-ply [0°/90°] structure, 
but composites with a quasi-isotropic/helicoidal lay up possess the minimum back face 
deflection. In an effort to identify the effect of the manufacturing process on the impact 
resistance, Lässig et al. (2018) employed ballistic tests with varying consolidation pressure (see 
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2.5 Modelling frameworks for UHMWPE composites  
A number of studies have investigated the ways to model the UHMWPE composites. The 
existing models can be divided into two categories. The first group of studies (Grujicic et al., 
2008; Hazzard et al., 2018; Iannucci and Pope, 2011) developed homogenised models at 
continuum scale using effective properties of the cross-ply composite. Early study by Grujicic 
et al. (2008) proposed a multi-scale material model for cross-ply UHMWPE composites. They 
attempted to use fundamental material properties of the fibres and matrix within a 
homogenisation framework, where the global deformation gradient was passed to a so-called 
“unit cell” which composed of explicitly modelled fibres and matrix to calculate the stiffness 
of a global material point. They subsequently compared the numerical prediction to the 
experimental measurements for composite plates penetrated by a sharp-tipped projectile. The 
model is capable of qualitatively rather than quantitatively predicting the deformation and 
fracture of the composites during the penetration process. Iannucci and Pope (2011) modelled 
the cross-ply composites as a homogenized medium with a non-linear shear stress versus strain 
relationship fitted to measured data and validated their model by comparing with the 
experimental measurement for the impact of composite plates using spherical projectiles. 
Similar approaches are developed by Nguyen et al. (2016) and  Lässig et al. (2015). Although 
these models give results that are in qualitative agreement with measurements, they do not 
predict the observed progressive failure mode of penetration with sufficient accuracy as 
discussed in Section 2.4.2. Hazzard et al. (2018) proposed a homogenised sub-laminate 
approach for the UHMWPE composites with cohesive contact between the sub-laminate layers. 
The model is capable of predicting a number of important characteristics observed during the 
experiments such as the ballistic limit velocity and back face deflections. However, it requires 
an excessive amount of curve fitting and the result is mesh-size dependent.   
 
The second group of models comprises of homogenised models for individual UD composite 
layers. Nazarian and Zok (2014) developed a binary model where fibres are included as so-
called rebars within an isotropic matrix. They subsequently compare the model’s prediction 
with experimental measurements for the quasi-static tensile response of the UHMWPE 
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composites with [±45°] stacking sequence as well as the dynamic impact of the composites 
using a flat-bottomed punch. This model is capable of accurately capturing the large fibre 
rotations during the deformation process and hence agrees well with the experimental 
observations. However, it is hard to incorporate the pressure sensitivity of yield that is known 
to be significant for UHMWPE composites (Attwood et al., 2014; Chocron et al., 2014). 
Attwood et al. (2014) proposed an anisotropic plasticity model for UD UHMWPE composites. 
They assume that the composite is linear elastic in fibre direction but follows a Tresca yield 
criterion in all other directions. They subsequently introduced the pressure dependent yield 
criteria and inferred the pressure sensitivity coefficient by comparing the experiments with 
numerical predictions. However, this model does not accurately account for the evolution of 
fibre orientations in a finite deformation and hence only works for situations where the fibre 
rotation is small.  
 
 
2.6 Other composites  
As discussed in the previous sections, the penetration and impact mechanisms of UHMWPE 
composites are complicated and accompanied by several different failure modes which are not 
all well understood. Therefore it is often necessary to consider other composite materials when 
exploring the current understanding of the impact and penetration mechanisms. There exists a 
vast library of literature on the subject of conventional fibre composites such as carbon and 
aramid fibre reinforced plastics. In this section we shall restrict ourselves to the studies on the 
indentation, impact and the associated modelling frameworks of these composites and contrast 
them with those of the UHMWPE composites.  
 
2.6.1 Carbon fibre composites 
Carbon fibre reinforced plastics (CFRP), in the form of laminated composites are used in 
numerous light-weight engineering applications for their excellent structural load carrying 
capacities. However, one major restriction on the usage of the CFRP composites is their low 
damage tolerance and the catastrophic failure under impact loading so that they are rarely used 
in ballistic protection applications. As a result, numerous studies have investigated the 




The quasi-static indentation response of laminated cross-ply CFRP composites was 
investigated by Jorgensen et al. (1998) using a spherical indenter. The measured load versus 
indenter displacement is shown in Fig. 2.12. Through thickness cracks caused by the transverse 
shear failure of the plies are shown to initiate on the front face of the composites immediately 
under the indenter and propagate downwards layer by layer to the rear face of the composites.  
 
 
Fig. 2.12. Typical force versus indenter displacement plot for the indentation of cross-ply CFRP 
composites. Source: Jorgensen et al. (1998)    
 
The propagation of the through-thickness cracks is accompanied by the delamination between 
the adjacent 0° and 90° plies.  The load is seen to increase monotonically until a major through 
thickness crack splits the rear face of the composites which caused the sudden load drop.  
Symons (2000) investigated the low and high velocity impact of CFRP composites with 
spherical projectiles. Similar fracture modes can be observed as in the static case, and the 
through thickness cracks as well as the delamination cracks are clearly visible after the test (see 
Fig. 2.13). They reported that compared to the low speed impact, high speed impact damage is 
more localised and resulted in shear out failure of the laminate as depicted in Fig. 2.13. As the 
CFRP composites are mainly used for structural applications, they are typically under certain 
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stress-state rather than completely unloaded when subjected to impact load. Therefore, a 
number of studies (Butcher, 1979; Butcher and Fernback, 1981; Heimbs et al., 2009) have 
investigated the effect of preload on the impact response of CFRP composites. It is found that 
the existence of the pre-stress affected both fracture behavior and fracture modes. For example, 
Heimbs et al. (2009) reported that the total absorbed energy is higher for composites under 
compressive preload. They observed that the deflection of preloaded composites is higher than 
the unloaded specimens after experiments, which resulted in a higher extent of material damage.   
 
 
Fig. 2.13. Optical micrographs showing the fracture of cross-ply CFRP composites impacted by a 
spherical projectile at 143 m s−1. Source: Symons (2000).   
 
Various models have been presented in the literature to study the damage and fracture of CFRP 
composites under impact loading. Most of the models are based on the continuum damage 
mechanics (CDM) framework proposed by Kachanov (2013) and further developed by 
Lemaitre and Chaboche (1994). These models typically introduce damage variables to measure 
the local damage in a representative volume element of the composite material. For uni-
directional loading, the definition of a damage variable allows the effective stress over the 
section of the RVE to be defined. The damage variable is assumed to be zero for undamaged 
material while complete fracture is accomplished when the variable reaches one, and the 
material is assumed to lose all load-carrying capacities. The constitutive relationship for the 
damaged material is then derived from the principle of strain equivalence as stated by Lemaitre 
and Chaboche (1994). In the case of multi-axial loading, several damage variables are defined 
with each of them relating to a form of intralaminar damage, thus allowing a complete 
description of damage in all possible directions. Donadon et al. (2008) developed a three-
dimensional CDM based failure model to model the impact of CFRP composites. Their model 
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is capable of quantitatively capturing the impact force-time history and qualitatively capturing 
the fracture mode. A similar approach has been proposed by Faggiani and Falzon (2010) to 
model the impact of CFRP composites supported by stiffening panels. More recent studies 
(Hongkarnjanakul et al., 2013; Tan et al., 2015) have also incorporated the cohesive surface 
model (Xu and Needleman, 1994) to describe the delamination between the adjacent 0°/90° 
plies. In general, CDM based models are shown to be able to accurately reproduce many 
important macroscopic characteristics of the impact experiments such as the force histories and 
deflection of the composites. However, these phenomenological approaches are typically 
mesh-size dependent and require a large amount of curve-fitting to specify the constitutive 
relationship.  
 
2.6.2 Aramid woven fabrics   
Unlike CFRP fibre composites which are mainly used for structural applications, Aramid fibres 
are widely used in ballistic protection applications due to their high impact resistance, hence 
they are often compared with the UHMWPE composites. A vast amount of literature has 
focused on the woven fabric cloths made of Aramid fibres. Therefore in this section, we discuss 
the existing literature on the ballistic impact mechanisms of these woven fabrics.     
 
A number of studies have investigated the impact of mechanisms of fabrics and a 
comprehensive review on this subject can be found in Cheeseman and Bogetti (2003). In 
general, it has been shown that the impact of fabrics is similar to that of single fibres (Smith et 
al. 1958), see Fig. 2.14. When a projectile impacts the fabric, a transverse deflection of the 
yarns which are in direct contact with the projectile is produced, and subsequently generates a 
longitudinal strain wave that propagates along the axis of the yarns. These yarns are defined as 
principal yarns. The orthogonal yarns which intersect the principal yarns are then pulled out 
from the fabric plane and deflect in a similar manner as the principle yarns. Analogously, the 
yarns which intersect the orthogonal yarns then start to deform by the same mechanisms. And 
hence the interaction between yarns which is essentially governed by the friction between them 
provides the driving force of the transverse deflection. During the impact process, the major 
part of the kinematic energy of the projectile is shown to be absorbed by the straining of the 
principle yarns while a small amount of the energy is transferred to the orthogonal yarns 
(Roylance, 1980), as depicted in Fig. 2.14c. The projectile then penetrates the fabrics when the 




The material-dependent velocity (Cunniff, 1999) given in Eqn. (2.2) is shown to be able to 
gauge the ballistic performance of the woven fabrics. However, the ballistic performance of 
these materials is also affected by the so-called cover factor which is the density of the weave 
determined from the width and pitch of the warp and weft yarns. According to Chitrangad 
(1993), the proper value of the cover factor should be between 0.6 to 0.95. Loosely woven 
fabrics with too small cover factors are susceptible to having the projectile wedge through 
(Tabiei and Nilakantan, 2008) the yarn mesh.  
 
 
Figure 2.14: Deformation of a single ply of woven fabric impacted by spherical projectiles. (a) side 
view, (b) top view of 𝑧 displacement contours and (c) bottom view showing principle yarns under 
high stress. Source: Cheeseman and Bogetti (2003).  
 
In addition to the cover factor, the shape of the projectile is also shown to have a strong effect 
on the ballistic performance of fabrics. An experimental study by Lim et al. (2002) reveals that 
the ballistic limit velocity for woven aramid fabrics is higher when impacted by blunt 
projectiles compared to sharp-tipped projectiles. Tan et al. (2003) demonstrated that the amount 
of pull-out of the fibres after the test is largest for hemispherical projectiles and lowest for 
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2.7 Effect of matrix properties on the ballistic performance of composite 
materials  
As reviewed in the previous section, the material-dependent velocity proposed by Cunniff in 
(2.2) can be used to gauge the ballistic performance of both UHMWPE composites as well as 
aramid woven fabrics. The Cunniff model as rationalised by Phoenix and Porwal (2003) is 
based on the impact of single fibre/yarns and hence ignores the shear property of the composites 
that is usually governed by the matrix.  
 
Several studies have studied the effect of matrix properties on the ballistic limit velocity of 
UHMWPE composites  (Karthikeyan et al., 2013b), carbon fibre composites (Yu et al., 2018) 
as well as aramid composites (De Ruijter et al., 2010). For UHMWPE composites, Karthikeyan 
et al. (2013b) investigated the ballistic limit velocity of cross-ply composites comprised of 
SK76 Dyneema® fibres with two different matrices with shear strength of about 2 MPa 
(designated HB26) and 0.2 MPa (designated HB50) respectively, and reported that the HB50 
composites possess a higher ballistic limit velocity. Yu et al. (2018) studied the effect of matrix 
shear strength on both damage initiation velocity and ballistic limit velocity of CFRP 
composites with shear strengths range from 0.1 MPa to 100 MPa, and the results are shown in 
Fig. 2.15. It is seen that both failure initiation velocity as well as the ballistic limit velocity 
remains approximately the same for matrix shear strength from 0.1 to 20 MPa but decrease 
sharply when the shear strength is greater than 20 MPa. This is also accompanied by a change 
of fracture mode. Composites are seen to fail by the shear plug mechanism detailed in Section 
2.6.1 with high shear strengths but fail by the indirect tension mode in Section detailed in 2.3.4 




Figure 2.15: Failure initiation velocity 𝑣𝑖𝑛𝑖𝑡 and ballistic limit velocity 𝑣𝑝 plotted as functions of 
matrix shear strength 𝜏. Source: Yu et al. (2018).  
 
Similar effects are observed in aramid fibre composites. De Ruijter et al. (2010) tested a series 
of composites made of thermotropic liquid crystalline polyesters and polyester-amides. They 
observed that the ballistic limit velocity increases with matrix stiffness increasing from 0 to 
0.01 GPa, followed by a regime where the ballistic limit velocity remains constant with 
increasing matrix stiffness from 0.01 to 1 GPa. Further increase in the resin stiffness greater 
than 1 GPa resulted in a sharp decrease in the ballistic limit velocity similar to that observed in 
Fig. 2.15 for CFRP composites.  
 
In general, the literature suggests that the ballistic limit velocity is dependent on the matrix 
properties, and this dependency is observed in different types of composites with various fibres. 







2.8 Concluding remarks  
In this Chapter we have reviewed the existing literature on the mechanical response of 
UHMPWE fibres composites as well as their indentation and impact mechanisms. The 
literature has shown that the UHMWPE composites fail by the indirect tension mechanism 
when subjected to indentation and impact loading by a flat-bottomed punch. However, an 
understanding on the penetration mechanism of the composites by a sharp-tipped punch is 
missing in the literature, although the studies on other composites such as aramid woven fabrics 
have shown that the projectile shape also governs the penetration response.  
 
Experimental studies reveal that the ballistic performance of UHMWPE composites is 
dependent on their shear strength, and high ballistic performance composites typically require 
low shear strength. However, a mechanistic understanding of this shear strength dependency 
of the ballistic performance is missing in the literature.  
 
In order to fully understand the impact mechanism of UHMWPE composites, it is crucial to 
first understand their mechanical responses under simple loading scheme. It is found that the 
quasi-static response of the UHMWPE fibre composites under tension, shear and compression 
are well studied in the literature. However, few studies have investigated their dynamic 
responses under such cases. Therefore, an understanding of the high strain rate response of the 
UHMWPE composites would bring valuable insights to their deformation and failure 
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3.  Deep penetration of ultra-high molecular weight 
polyethylene composites by a sharp-tipped punch 
 
Synopsis 
The penetration of unidirectional (UD) and [0o/90o] cross-ply ultra-high molecular weight 
polyethylene fibre composites by sharp-tipped cylindrical punches has been investigated. 
While the measured penetration pressure for both composite types increased with decreasing 
punch diameter, the pressure was significantly higher for the cross-ply composites and 
increased with decreasing ply thickness. A combination of optical microscopy and X-ray 
tomography revealed that in both composites, the sharp-tipped punch penetrated without fibre 
fracture by the formation of mode-I cracks along the fibre directions, followed by the wedging 
open of the crack by the advancing punch. In the cross-ply composites, delamination between 
adjacent 0o  and 90o  plies also occurred to accommodate the incompatible deformation 
between plies containing orthogonal mode-I cracks. Micromechanical models for the steady-
state penetration pressure were developed for both composites. To account for material 
anisotropy as well as the large shear strains and fibre rotations, the deformation of the 
composites was modelled via a pressure-dependent crystal plasticity framework. Intra and 
inter-ply fracture were accounted for via mode-I and delamination toughnesses respectively. 
These models account for the competition between deformation and fracture of the plies and 
accurately predict the measured steady-state penetration pressures over the wide range of punch 
diameters and ply thicknesses investigated here. Design maps for the penetration resistance of 
cross-ply composites were constructed using these models and subsequently used to infer 






There is considerable interest in the use of ultra-high molecular weight polyethylene 
(UHMWPE) fibre composites in ballistic protection applications. This interest has primarily 
been driven by the high strength and stiffness to weight ratios of the polyethylene fibres (Van 
Dingenen, 1989; Russell et al., 2013). As detailed in Chapter 2, the studies on the ballistic 
impact of UHMWPE composites to-date have been largely restricted to the out-of-plane 
(transverse) loading of the composites by blunt projectiles/indenters. Early theoretical 
investigations by Phoenix and Porwall (2003) of the transverse impact of UHMWPE composite 
plates suggested that the failure of these composites occurs in a membrane stretching mode 
with the Cunniff (1999) dimensional analysis providing a reasonable estimate of the material 
properties that set the ballistic limit. For this membrane stretching approximation, the 
composite plate either completely fails or suffers no fracture. However, a series of more recent 
experimental studies using flat-bottomed (O’Masta et al., 2016; Attwood et al., 2016;) and 
spherical (O’Masta et al. 2015; Heisserer et al., 2013; Karthikeyan and Russel, 2014) 
projectiles revealed that penetration occurs in a progressive manner in which fibre failure is 
occurring by the indirect tension mechanism introduced by Attwood et al. (2014). These studies 
indicate the penetration response is sensitive to the shear strength of the composite with the 
penetration mode eventually transitioning to a shear-off mode with increasing shear strength 
(Cheeseman and Bogetti, 2003; Attwood et al., 2016). In parallel with these experimental 
investigations of the penetration mechanisms, significant efforts have sought to model the 
observed responses. Iannucci and Pope (2011) modelled the cross-ply composites as a 
homogenized medium with a non-linear shear stress versus strain relationship fitted to 
measured data. By contrast, Grujicic et al. (2008) proposed a multi-scale material model for a 
cross-ply UHMWPE composite. They attempted to use fundamental material properties of the 
fibres and the matrix within a homogenisation framework. While both models give results that 
are in qualitative agreement with measurements, they do not predict the observed progressive 
mode of penetration with sufficient accuracy. 
 
While the investigations of the penetration resistance of UHMWPE composites described 
above have largely been restricted to blunt projectiles, the effect of the projectile tip shape on 
the penetration resistance of traditional carbon and glass fibre composites has received 
extensive attention. Experimental investigations have ranged from low-velocity drop weight 
tests (Mitrevski et al., 2005) to high-velocity gas gun tests (Mines et al., 1999; Onyechi et al., 
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2014) with flat, conical and hemispherical tipped projectiles. While pervasive damage in these 
brittle composites made the effect of the projectile tip shape on the penetration mode difficult 
to quantify, clear differences in the energy absorption and ballistic limit were observed. 
Modelling efforts for these materials have been predominantly based on continuum damage 
formulations with both analytical (Wen, 2000) and numerical (Kim and Goo, 1997) approaches. 
A related class of investigations is the stab/puncture resistance of composites performed with 
the aim of developing composites for application in stab-resistant or knife-resistant vests; 
readers are referred to Bilisik (2017) for a recent review. These studies are restricted to the 
quasi-static penetration by sharp-tipped punches of composites that include woven aramid 
fabrics (Mayo et al., 2009; Decker et al., 2007), Dyneema® (Li et al., 2016) and non-woven 
mats (Bao et al., 2016). These investigations illustrate the importance of matrix properties in 
setting the penetration resistance, but a quantitative understanding of the effect of material 
properties upon penetration by sharp penetrators is missing. This in large part is due to the 
absence of a modelling framework. 
 
In this study, we report a combined experimental and theoretical investigation of the 
penetration resistance of unidirectional and cross-ply UHMWPE fibre composites by 
cylindrical punches with a conical tip. The aim is to develop an understanding of the 
penetration modes, and to contrast them with those of blunt punches. The outline of the study 
is as follows. We first report the experimental investigation of the penetration resistance of 
unidirectional and cross-ply composites along with optical microscopy and X-ray imaging to 
elucidate the penetration modes. Second, this understanding is used to develop a penetration 
model for these composites that includes the anisotropic plastic deformation of the composite 
and the appropriate fracture modes. Finally, the models are used to construct penetration 
mechanism maps which aid the design of optimal composite microstructures. 
 
 
3.2. Experimental protocol 
The aim of the experimental study was to investigate the resistance of both unidirectional (UD) 
and cross-ply UHMWPE composites against penetration by a cylindrical punch of radius 𝑎 and 






3.2.1 Composite manufacture and configurations 
Four grades of UHMWPE composites supplied by DSM under the tradename Dyneema® 
comprising SK76 UHMWPE fibres in a polyurethane matrix were employed in this 
investigation. The manufacturing steps for the cross-ply composites with a [0o/90o] stacking 
sequence of the plies were detailed in Russell et al. (2013) and Attwood et al. (2014), and here 
we summarise these steps in order to clarify the differences in the process used to manufacture 
the UD composites. 
(i) A gel-spinning/hot drawing process (Smith et al., 1979; Smith and Lemstra, 1980) is used 
to produce highly orientated and highly crystalline fibres of diameter 17 μm.  
(ii) Fibres are coated in a resin solution and are then formed into a [0o/90o/0o/90o] stack. A 
drying process removes the matrix solvent from the stack, and several stacks are placed on top 
of each other in order to form the desired laminate. 
(iii) The laminate is hot-pressed with bonding of the layers achieved through partial melting of 
the matrix material. The fibre diameter is unchanged by the hot-pressing operation, although 
some fibres may change their cross-sectional shape. 
 
DSM supplied all the cross-ply composites used in this study in plates of dimensions 
 400 mm × 400 mm and 50 mm thick (i.e. the plies were stacked to give a 50 mm thick 
composite). Three grades of cross-ply composites were employed with ply thicknesses 𝑡 =
30 μm, 60 μm  and 120 μm . The commercial designations of these composites are HB80, 
HB26 and HB25 respectively but throughout this study we refer to them by their ply 
thicknesses. With 𝑋1 and 𝑋2 denoting directions of a Cartesian co-ordinate system aligned with 
the orthogonal fibres of the cross-ply (Fig. 3.1b), dark field optical images of an 𝑋1 − 𝑋3 plane 
through the three grades of the cross-ply composites are included in Fig. 3.2. The ply 
architecture and the closely packed fibres are clearly visible in these images.  
 
An analogous hot-pressing process was used to manufacture the UD composites. Matrix-
impregnated UD plies were laid-up into a plate of size 100 mm × 100 mm and 50 mm thick. 
These plies were then pressed together at a temperature of 127 oC and a consolidation pressure 
of 21 MPa for 20 minutes to produce a UD laminate. Again, we define a Cartesian co-ordinate 
system with 𝑋1 aligned with the fibre direction and 𝑋3 aligned with the transverse direction 
along which the composite was consolidated in the manufacturing process. All of the composite 
grades contained a fibre volume fraction 𝓋𝑓 ≈ 83%. The quasi-static tensile, shear and out-of-
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plane compression responses of the four grades of UHMWPE composites used in this study 
were reported by Attwood et al. (2014), and we shall use those property measurements to 
inform the material models in Section 3.4.2.  
 
 
Figure 3.1: (a) Schematic of the penetration of UHMWPE composites by a sharp-tipped 
cylindrical punch. The inset shows details of the conical tip of the punch. (b) Sketches of the UD 
and cross-ply composites with the definition of the global Cartesian co-ordinate system 𝑋𝑖. 
 
3.2.2 Measurements and imaging 
All measurements reported in the main body of this paper were conducted on cuboidal blocks 
of the UHMWPE composite of lateral dimension 𝐿 × 𝐿 = 87 mm × 87 mm and thickness 
𝐻 = 50 mm  (Fig. 3.1a). These blocks were cut from the as-manufactured plates using a 
medium-fine blade band-saw and were sufficiently large that the measured penetration 






Figure 3.2: Dark field optical micrographs of an 𝑋1 − 𝑋3 plane through the three grades of the 
cross-ply Dyneema® composites with ply thicknesses (a) 𝑡 = 30 μm, (b) 𝑡 = 60 μm and (c) 𝑡 =
120 μm. 
 
Penetration experiments were conducted as shown in Fig. 3.1a with both the UD and cross-ply 
composites penetrated in the 𝑋3 − direction by a cylindrical punch with a conical tip. The 
composite blocks were placed on a rigid backing and the penetration experiments were 
conducted in a screw-driven test machine with a holder as sketched in Fig. 3.1a to grip the 
punch. The penetration 𝛿 was defined as the depth of the tip below the surface of the composite 
block (Fig. 3.1a) and measured using a laser extensometer. The punch was displaced at a rate 
of ?̇? = 0.5 mm min−1  and the applied load 𝑃  was measured via the load cell of the test 
machine. The measurements are presented in terms of the applied nominal pressure 𝑝 ≡
𝑃/(𝜋𝑎2) and the normalized penetration 𝛿̅ ≡ 𝛿/𝑑, where 𝑑 = 17 μm is the fibre diameter and 
a relevant length scale for both the UD and cross-ply composites. Measurements are reported 
for punches with diameters in the range 0.25 mm ≤ 2𝑎 ≤ 4 mm with cone tip half angles 𝛼 =
30o, 45o and 60o. The punches for the UD composites were made from hardened silver steel 
(800 Vickers). However, the high pressure required to penetrate the cross-ply composites 
resulted in elastic buckling of the silver steel punches inside the cross-ply composites. Thus, 
Tungsten-Carbide/Cobalt (WC 94 Co 6 wt%) rods with a modulus twice that of the silver steel 
punches were used for the penetration of the cross-ply composites. Nevertheless, buckling of 
the penetrator restricted the experiments on cross-ply composites to punches with diameters 
2𝑎 ≥ 2 mm. At-least 3 repeat tests were performed in each case to check the reproducibility 




Both the UD and cross-ply composites penetration experiments were interrupted at regular 
intervals to conduct the optical and X-ray observations of the penetration modes. However, the 
protocol varied between the UD and cross-ply composites. The penetration mode of the UD 
composite involved splitting and separation of the fibres with no fibre breakage and only a 
small elastic deformation of the fibres. This implied that removal of the punch from the 
specimen resulted in negligible spring back and left the intact penetration cavity. This cavity 
was then filled with a solder powder (Sn 60, Pb 38, Ag 2wt%) with an average particle size of 
30 μm1. X-ray computed tomography (XCT) enabled three-dimensional (3D) reconstruction 
of the cavity around the punch. In addition, we also conducted optical imaging of interior 𝑋1 −
𝑋2 planes of the UD composites in order to visualise the fibre deformations around the indenter. 
This optical imaging involved peeling-off layers to expose the specimen interior and hence was 
a destructive process. Fibre layers of the specimen, with the penetration cavity filled with the 
solder powder, were peeled-off until a layer at a depth of approximately 26𝑎  below the 
specimen surface was exposed. Then, another 1 mm or so of the specimen was abraded using 
a fine-grit (P800-P4000) in order to obtain a clean and smooth surface for imaging. The imaged 
area of this exposed specimen surface was then divided into a grid comprising approximately 
200 squares. Each of these squares was imaged separately and the entire imaged area was then 
reconstructed by stitching together these sub-images. This procedure enabled us to obtain a 
relatively high resolution over a large area. 
 
The cross-ply composites were penetrated by Tungsten-Carbide/Cobalt rods at significantly 
higher pressures. Elastic deformations of the fibres in these specimens meant that the inserted 
punches were tightly gripped within the specimen and their removal resulted in not only 
extensive damage of the specimen but also collapse of the penetration cavity. Thus, optical 
imaging of the specimen interior by peeling-off plies was not feasible. Moreover, since 
Tungsten-Carbide/Cobalt is nearly X-ray opaque, the shadow cast by the rod inhibited a 3D 
reconstruction of the specimen deformation around the punch. Instead, we used plain 
radiographs taken by imaging the specimen along the 𝑋3 −direction so as to infer some aspects 
of the penetration mode. Additional details of the X-ray imaging and analysis method are 
provided in Appendix A. 
 
                                                     




3.3. Experiment measurements and observations 
We proceed to detail the measurements of the penetration response. The objectives are to 
characterize the effect of the punch radius 𝑎 and ply-thickness 𝑡 on the 𝑝 − 𝛿̅ response as well 
as to elucidate the penetration modes. 
 
3.3.1 Unidirectional composites 
The measured 𝑝 versus 𝛿̅ responses for UD composites penetrated by punches of diameters in 
the range 0.25 mm ≤ 2𝑎 ≤ 2 mm and a tip angle 𝛼 = 45o are included in Fig. 3.3a. In each 
case two measured responses are included to illustrate the repeatability of the measurements. 
Two regimes are observed for all indenter diameters: regime I where the pressure 𝑝 increases 
with penetration 𝛿̅; and regime II where 𝑝 remains approximately constant and we denote this 
steady-state pressure by 𝑝𝑠𝑠. The effect of the tip angle 𝛼 is illustrated in Fig. 3.3b for the 2𝑎 =
2 mm punch. During the initial stage of penetration, decreasing 𝛼 reduced the penetration 
pressure. However, the steady-state pressure 𝑝𝑠𝑠 was unaffected by 𝛼. 
 
Figure 3.3: The measured pressure 𝑝 versus normalized penetration 𝛿̅ responses for UD composites 
penetrated by (a) punches with diameters in the range 0.25 mm ≤ 2𝑎 ≤ 2 mm with tip angle 𝛼 =
45o and (b) a 2𝑎 = 2 mm diameter punch and three cone angles 𝛼. In (a) two repeat measurements 
are included for each punch diameter. 
 
The data in Fig. 3.3a indicates that the steady-state penetration pressure 𝑝𝑠𝑠 increased with 
decreasing punch diameter. Such a penetration/indentation size effect is well-established for 
metals and related to micron-sized dislocation structures therefore only observed for 
punch/indenter diameters on the micron length scale. In the UD composite investigated here, 
the size effect is observed for millimetre size punch diameters even though the only relevant 
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microstructural length scale is related to the 17 μm diameter UHMWPE fibres. To investigate 
the source of this penetration size effect and understand the mode of penetration we include in 
Fig. 3.4 XCT images of a diametrical 𝑋1 − 𝑋3 plane through the 2𝑎 = 2 mm punch (𝛼 = 45
o) 
at three selected penetration depths into the specimen. The outline of the punch has been 
highlighted to clearly contrast the punch and the surrounding cavity within the UD composite. 
Cross-sectional images on 𝑋1 − 𝑋2 planes at the marked heights are also included in each case 
to show the formation of a cavity in the form of a crack around the cylindrical punch. The 
length 2ℓ of this crack increases from the tip of the punch such that cot−1(𝜉/ℓ) > 𝛼, where 𝜉 
is the distance measured upstream from the tip of the punch as shown in Fig. 3.1a: the crack 
length reaches a steady state value of 2ℓ𝑠𝑠 = 9.50 mm for 𝜉 > 3.2 mm. We note that near the 
surface of the specimen there is a considerable pile-up of material. This pile-up is due to the 
formation of the cavity whose finite volume results in material being pushed up near the surface 
of the specimen. However, deep within the specimen, the increasing constraint results in 
negligible deformation in the 𝑋3 −direction with the formation of the cavity accommodated by 
in-plane deformation of the specimen. 
 
In order to better understand the crack formation mechanism, Fig. 3.5 shows an optical 
micrograph of the 𝑋1 − 𝑋2  plane at a depth 26 mm below the surface of the specimen 
penetrated by the 2𝑎 = 2 mm punch (𝛼 = 45o ). This optical micrograph confirms that the 
crack seen in the XCT images of Fig. 3.4 is a mode-I crack along the fibre direction and a result 
of a splitting mode due to the wedging action of the penetrator, i.e. the penetrator induces 
tensile stresses Σ22 that open a crack via matrix cracking with no associated fibre fracture. The 
material remains in contact with the surface of the cylindrical punch over a region defined by 
an included angle 2𝛽 = 68o (Fig. 3.5), with the remaining cavity surface being traction-free. 
Thus, the wedging pressure generated over the region where the punch is in contact with the 
cavity provides the driving force for the extension of the crack. We emphasize here that friction 
between the cylindrical surface of the punch and the UHMWPE composite does not contribute 
significantly to the observed size effect. A simple work balance suggests that the penetration 






where 𝜏𝑓 is the frictional stress between the UHMWPE composite and the punch while 𝑝𝑠𝑠
0  is 
the intrinsic steady-state penetration pressure. The frictional contribution (3.1) increases with 
increasing penetration depth and decreasing punch diameter. The data in Fig. 3.3 clearly shows 
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that a steady-state is attained such that 𝑝𝑠𝑠 ≈ 𝑝𝑠𝑠
0   suggesting that 𝜏𝑓 ≪ 𝑝𝑠𝑠 . In fact, the 
measurements of the force to extract the punch from the specimen suggest that 𝜏𝑓 < 2 MPa 
confirming that friction between the punch and the composite plays a negligible role in these 
measurements. Moreover, the specimens employed in this study were sufficiently large so that 
no pull-in was observed at the specimen edges with the specimen size playing no role in the 
observed penetrator size effects. In fact, the analysis in Section 3.4 will show that the penetrator 
was accommodated within the specimen by elastic extension of the fibres with the observed 
penetration size effect for millimetre-sized diameter punches associated with the mode-I 
splitting toughness of the UD composite. 
 
 
Figure 3.4: X-ray computed tomographic images of the UD composite penetrated by a 2𝑎 =
2 mm diameter punch with cone angle 𝛼 = 45o. The images show a diametrical section through 
the punch for penetrations (a) 𝛿 = 5 mm , (b) 𝛿 = 19 mm and (c) 𝛿 = 27 mm . In each case 
cross-sectional images of the 𝑋1 − 𝑋2 plane at the marked heights are also included and the 





Figure 3.5: An optical micrograph of the 𝑋1 − 𝑋2 plane at a depth 26 mm below the surface of 
the UD specimen penetrated by a 2𝑎 = 2 mm punch with cone angle 𝛼 = 45o . The mode-I 
crack length 2ℓ𝑠𝑠 = 11.75 mm and the angle through which the composite conforms over the 
punch are labelled. 
 
Experiments using different punch diameters indicated very similar deformation/fracture 
mechanisms to those observed above, and their micrographs are excluded for the sake of brevity. 
The key observations of the observed size effects are summarised Fig. 3.6a where the measured 
steady-state penetration pressure 𝑝𝑠𝑠 and the associated normalized crack length ℓ𝑠𝑠/𝑎 are 
plotted as a function of the punch diameter 2𝑎. While the penetration pressure 𝑝𝑠𝑠 increased 
with decreasing 𝑎 , the opposite trend was observed for ℓ𝑠𝑠/𝑎 . Three repeat tests were 
conducted in each case and the error bars indicate the variation over these three measurements 





Figure 3.6: (a) Measurements and corresponding predictions of the steady-state penetration pressure 
𝑝𝑠𝑠 and normalized mode-I crack length ℓ𝑠𝑠/𝑎 as a function of the punch diameter 2𝑎 for the UD 
composite. The error bars indicate the variability between the 3 repeat measurements. (b) Predictions 
of the normalized penetration pressure 𝑝𝑠𝑠/𝜏𝑌 and ℓ𝑠𝑠/𝑎 as a function of the normalized toughness 
𝐽𝐼𝐶/(𝜏𝑌𝑎) for the UD composite. 
 
3.3.2 Cross-ply composites 
The measured 𝑝 versus 𝛿̅ response of the 𝑡 = 60 μm cross-ply composite is included in Fig. 
3.7a for 𝛼 = 45o  punches of size in the range 2 mm ≤ 2𝑎 ≤ 4 mm . The responses are 
qualitatively similar to that of the UD composites except that the penetration pressures are 
significantly larger. A penetration size effect is again observed although weaker compared to 
the UD case. We emphasize that experiments on the cross-ply composites could only be 
performed for relatively large punch diameters with 2𝑎 ≥ 2 mm, and it will be shown in 
Section 3.5 that this weak size effect is related to the large punch diameters. The ply thickness 
𝑡, is an additional microstructural length scale in cross-ply composites. The effect of 𝑡 on the 
𝑝 − 𝛿̅  response is illustrated in Fig. 3.7b where measurements are included for cross-ply 
composites with 𝑡 = 30 μm, 60 μm  and 120 μm  penetrated by the 2𝑎 = 2 mm  (𝛼 = 45o) 
punch. A very strong size effect is now observed with the penetration pressure higher for 





Figure 3.7: The measured pressure 𝑝 versus normalized penetration 𝛿̅ responses for (a) the 𝑡 =
60 μm cross-ply composite penetrated by punches with diameters in the range 2 mm ≤ 2𝑎 ≤
4 mm  and (b) cross-ply composites with ply thicknesses 𝑡 = 30 μm, 60 μm  and 120 μm 
penetrated by the 2𝑎 = 2 mm punch. In all cases the cone angle of the punch tip was 𝛼 = 45o. 
 
XCT imaging of the cross-ply composites penetrated by the Tungsten-Carbide/Cobalt 
penetrators was not feasible as discussed earlier. Thus, visualisation of the deformation/fracture  
modes are restricted to plain radiographs such as the one shown in Fig. 3.8 for the 𝑡 = 60 μm 
cross-ply composite penetrated by the 2𝑎 = 3 mm (𝛼 = 45o) punch. In this image we observe 
a central circular dark zone with an outer concentric circular partially illuminated region. These 
are the umbra and penumbra shadows of the penetrator that is opaque to the X-rays. In addition, 
two orthogonal cracks are seen to emanate from the central zone each akin to the single crack 
seen for the UD composite. We argue that these cracks are mode-I cracks similar to the UD 
composite but now in the alternating [0o/90o] plies. A quantitative interpretation of this image 
to extract the crack length is complex and readers are referred to Appendix A for details. The 
analysis indicates that the central dark zone is an enlarged image of the circular cross-section 
of the punch and obscures some part of the orthogonal mode-I cracks. This gives an optical 
illusion that the cavity formed around the punch conforms over nearly the entire cylindrical 
surface of the punch. Note that the scale on Fig. 3.8 is for the image on the detector plane and 
cannot be directly used to infer ℓ𝑠𝑠: rather a more involved analysis as detailed in Appendix A 







Figure 3.8: A plain radiograph of an 𝑋1 − 𝑋2  plane of the 𝑡 = 60 μm  cross-ply composite 
penetrated by the 2𝑎 = 3 mm punch. The scale bar represents the size of the image on the 
detector plane; see Appendix A for further details. 
 
 
Figure 3.9: Measurements and corresponding predictions of the steady-state penetration pressure 
𝑝𝑠𝑠 and normalized mode-I crack length ℓ𝑠𝑠/𝑎 as a function of (a) the punch diameter 2𝑎 for the 
𝑡 = 60 μm cross-ply composite and (b) the ply thickness 𝑡 for penetration by the 2𝑎 = 2 mm 
punch. In all cases the cone angle 𝛼 = 45o and the error bars indicate the variability between the 
3 repeated measurements. 
 
Measurements of the steady-state pressure 𝑝𝑠𝑠 and associated normalized crack lengths ℓ𝑠𝑠/𝑎 
(estimated using the procedure described in Appendix A) are summarised in Fig. 3.9a as a 
function of 2𝑎 for the 𝑡 = 60 μm cross-ply composite penetrated by 𝛼 = 45o punches. The 
results are qualitatively similar to the UD composite with 𝑝𝑠𝑠 increasing with decreasing 2𝑎 
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while ℓ𝑠𝑠/𝑎 displays the opposite trend.  The corresponding 𝑝𝑠𝑠 and ℓ𝑠𝑠/𝑎 measurements for 
cross-ply composites penetrated by the 2𝑎 = 2 mm punch (𝛼 = 45o) are included in Fig. 3.9b 
as a function of the ply thickness 𝑡. The trends are similar to the dependence on the punch 
diameter with 𝑝𝑠𝑠  increasing with decreasing 𝑡  while ℓ𝑠𝑠/𝑎  displays the opposite trend 
although the dependence of the mode-I crack length on the ply thickness is relatively mild. 
 
 
3.4. Analysis of the steady-state penetration of the unidirectional 
composite 
Our aim here is to develop an understanding of the key physical phenomena that govern the 
penetration response including the observed size effect of the diameter of the punch. With this 
in mind, we develop a semi-analytical model for the steady-state penetration motivated by the 
experimental observations reported above. In order to motivate this analysis, we summarise the 
observed deformation and fracture modes for the penetration of UD and cross-ply composites 
by a sharp-tipped punch in Figs. 3.10a and 3.10b, respectively. The UD composites form a 
single mode-I crack with the punch wedging open a crack along the fibres, i.e. mode-I splitting 
by matrix cracking with no fibre fracture. The cross-ply composites also deform in a similar 
mode with orthogonal mode-I splitting cracks forming in the alternating [0o/90o] plies. These 
cracks however cause a mismatch in deformation due to crack opening in the 𝑋2  and 𝑋1 
directions in the 0o and 90o plies, respectively. The high modulus of the fibres prevents large 
localised fibre extensions and thus these deformations cannot be accommodated by ply 
deformations. Rather we anticipate delamination to occur between each pair of adjacent 0o and 
90o plies to accommodate this incompatible deformation. We note that the inability to acquire 
XCT images for the cross-ply composites meant this delamination could not be directly 
visualised. Moreover, deep within the specimen the delamination occurs via mixed mode-II/III 
fracture with no separation between the plies in the 𝑋3 − direction. Thus, these delamination 
cracks are unlikely to be visualised via X-ray tomography. In Fig. 3.10b, we depict this 
delamination to be a circular zone of radius 𝑏𝑠𝑠. We emphasize that in both UD and cross-ply 
composites no fibre fracture was observed for penetration by a sharp-tipped punch. 
 
By contrast, the penetration of the composites by a blunt punch occurs by radically different 
mechanisms as shown in Figs. 3.10c and 3.10d for UD and cross-ply composites, respectively; 
see Attwood et al. (2016) and O’Masta et al. (2016) for further details. Briefly, the UD 
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Figure 3.10: Sketches of the penetration modes of the (a) UD and (b) cross-ply composites by a 
sharp-tipped punch. The mode-I cracks along the fibres and the delamination zones in the cross-
ply composite are labelled. Sketches of the deformation/failure modes for indentation of (c) UD 
and (d) cross-ply composites by a blunt punch. 
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On the other hand, the compressive indentation stresses induced in the cross-ply composite by 
a blunt punch generate a state of indirect tension (Attwood et al., 2014), i.e., tensile stresses 
are generated in the fibre directions in the alternating [0o/90o] plies. Continued penetration of 
the cross-ply composite then occurs by fibre fracture and the elastic recoil (and thus removal) 
of the failed plies; readers are referred to Attwood et al. (2016) and O’Masta et al. (2016) for 
further details. This blunt punch penetration mode results in a penetration resistance that is 
independent of both the punch size and ply thickness (Attwood et al., 2016). 
 
Using the above insight into the deformation and fracture processes for penetration by a sharp-
tipped punch, we proceed in this section to develop a semi-analytical model for the steady-state 
penetration of UD composites and extend it to cross-ply composites in Section 3.5.  
  
3.4.1 Penetration analysis 
Consider a rigid cylindrical punch of radius 𝑎 with a conical tip pushed into a semi-infinite 
block of the UD composite, as shown in Fig. 3.1a. In line with the measurements and discussion 
in Section 3.3 we shall neglect the role of friction between the punch and the composite and 
thus model the punch as frictionless. The composite splits open creating a mode-I crack along 
the fibres at the tip of the punch. A detailed solution for the deformation and fracture at the 
punch tip requires a full 3D calculation of considerable complexity. Here, in keeping with our 
aim of understanding the key physical phenomena, we propose a simplified analysis for the 
steady-state penetration pressure 𝑝𝑠𝑠 of the fibre composite. The analysis is motivated by the 
model of Shergold and Fleck (2004) for the penetration of soft elastomers. The steady-state 
advance of the punch by an increment 𝑑𝛿 involves the transformation of a slice of thickness 
𝑑𝛿 of the material from its undeformed upstream state to a cracked downstream state with a 
plane strain crack of length 2ℓ𝑠𝑠 that is opened by the wedging action of the punch of radius 𝑎 
(Fig. 3.10a). The energy required to transform a slab of thickness 𝑑𝛿 from its upstream to 
downstream state is provided by the work done in advancing the punch and an energy balance 
dictates  
𝑝𝑠𝑠(𝜋𝑎
2)𝑑𝛿 = 2𝑑𝛿 ∫ 𝐽𝐼𝑑ℓ
ℓ
0
+ 𝑈𝐷𝑑𝛿. (3.2) 
Here 𝐽𝐼 is the mode-I inter-fibre splitting toughness while 𝑈𝐷 is the energy required to open the 
crack of length 2ℓ to accommodate a cylinder of radius 𝑎 (Fig. 3.10a) in a unit thickness slab 
of the composite. At steady-state penetration, the crack just arrests upon reaching a length 2ℓ𝑠𝑠 
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and is thus at a state of incipient advance. Recalling the energy release rate definition of the 













where the non-dimensional function ℱ(ℓ/𝑎,ℳ) needs to be numerically evaluated for the 
given composite material properties represented here by ℳ . Assuming that the mode-I 
toughness is independent of crack advance (i.e. no R-curve effect) and denoting this constant 


























It now remains to specify the procedure for the calculation of 𝑈𝐷 (or equivalently ℱ). We do 
this in two steps: first we detail a constitutive model for unidirectional UHMWPE composites 
and then discuss the numerical procedure to evaluate 𝑈𝐷 using this constitutive model. 
 
3.4.2 Constitutive model for the UD composite 
The deformation of the UHMWPE composite around the punch involves large shear strains 
and fibre rotations; see Fig. 3.5. The deformation of the SK76 UHMWPE fibres is purely elastic 
and thus shearing of the matrix is restricted along planes dictated by the fibre directions. For 
example, consider the deformation of the UD composite by simple shear via the application of 
a shear strain 𝛾13 as shown in Fig. 3.11a. The composite deforms primarily by the relative 
displacement of the fibres in the 𝑋1 −direction by the shear straining of the intermediate matrix. 
As a consequence, while the material is subjected to a rotation 𝛾13/2 the fibres undergo no 
rotation. This is akin to crystals that deform by shearing along slip planes due to the motion of 
dislocations and thus we proceed to develop a constitutive model for unidirectional UHMWPE 
composites motivated by crystal plasticity (Asaro, 1983; Hill and Rice, 1972). This crystal 
plasticity formulation for UD composites is expected to accurately account for the large plastic 
shear strains and associated fibre rotations in these composites. Other equivalent approaches 
such as the rebar approach proposed by Nazarian and Zok (2014) are also feasible although the 
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crystal plasticity approach is ideally suited to model the pressure dependency of plastic flow in 





Figure 3.11: (a) The UD composite subjected to a simple shear 𝛾13 resulting in no rotation of the 







Following the usual notions in crystal plasticity, we define a lattice labelled by the fibre 
direction. The material is presumed to flow through the lattice due to shearing of the matrix 
and then the lattice with the embedded material undergoes elastic deformations and rigid body 
rotations. Using Cartesian tensor notation, the material deformation gradient 𝐹𝑖𝑗 is written as a 
multiplicative decomposition of the elastic and plastic deformations characterised by 𝐹𝑖𝑗
∗  and 
𝐹𝑖𝑗
𝑝
, respectively such that  
𝐹𝑖𝑗 = 𝐹𝑖𝑘
∗ 𝐹𝑘𝑗
𝑝 . (3.7) 
Thus, there exists an intermediate configuration arising from the pure plastic deformation 𝐹𝑖𝑗
𝑝
 
of the material. The deformations embodied in 𝐹𝑖𝑗
𝑝
 are described in terms of shearing along 





 specifies the slip direction and 𝑚𝑖
(𝜅)
 is the slip plane normal 
in the undeformed configuration. These vectors convect with the lattice so that in the deformed 










With the fibres aligned with the 𝑋1 −direction in the undeformed configuration, the 𝑁 = 6 slip 
systems in the UD composite are listed in Table 3.1 and selected systems are illustrated in Fig. 
3.11b. The slip systems 𝜅 = 1 to 4 involve shearing in the 𝑋𝑖 directions while the 𝜅 = 5 and 6 
systems involve shearing on planes oriented at ±45o  with respect to 𝑋2 direction with no shear 
component along the 𝑋1 (fibre) direction. These slip systems accommodate all possible modes 
of deformation that do not involve fibre deformation. The plastic component of the deformation 



















Table 3.1: The six slip systems in the UD composites as specified by (𝑠𝑖
(𝜅),𝑚𝑖
(𝜅)). The unit vectors are 
denoted as (𝑎, 𝑏, 𝑐) where 𝑎, 𝑏, 𝑐 are components in the 𝑋1, 𝑋2 and 𝑋3 −directions, respectively. 
Slip direction  Slip plane normal 
𝑠(1) (1,0,0) 𝑚(1) (0,1,0) 
𝑠(2) (1,0,0) 𝑚(2) (0,0,1) 
𝑠(3) (0,1,0) 𝑚(3) (0,0,1) 
𝑠(4) (0,0,1) 𝑚(4) (0,1,0) 
𝑠(5) (0,1/√2, 1/√2) 𝑚(5) (0, −1/√2, 1/√2) 
𝑠(6) (0, −1/√2, 1/√2) 𝑚(6) (0, −1/√2,−1/√2) 
  
3.4.2.2 Elastic-plastic relations 
The experiments of Attwood et al. (2014) suggested that the deformation of UHMWPE 
composites is adequately characterised by an anisotropic elastic and pressure dependent plastic 
relation. Here we propose elastic-plastic constitutive relations within the crystal plasticity 
context motivated by the experimental findings of Attwood et al. (2014). 
 
Let 𝜎𝑖𝑗  denote the Cauchy stress and we introduce a material stress measure Σ𝑖𝑗  for the 














∗ − 𝛿𝑖𝑗), (3.11) 
where 𝛿𝑖𝑗 is the Kronecker delta. Following Attwood et al. (2014) we specify a linear elastic 
constitutive relation of the form 𝐸𝑖𝑗
∗ = 𝐶𝑖𝑗𝑘𝑙Σ𝑘𝑙 in terms of the compliance tensor 𝐶𝑖𝑗𝑘𝑙. Further, 
the UD composite is assumed to be transversely isotropic with the 𝑋1 fibre direction normal to 




































































































, . (3.12) 
Here 𝐸𝑓 and 𝐸𝑚 are the Young’s moduli in the fibre and transverse directions, respectively, 
while 𝜐12 and 𝜐23 are the Poisson’s ratios in the 𝑋1 − 𝑋2 and 𝑋2 − 𝑋3 planes, respectively. The 
shear modulus in the 𝑋1 − 𝑋2 plane is denoted as 𝐺12.  
 
It now remains to specify the constitutive relations for the plastic slip rate ?̇?(𝜅). Significant 
numerical difficulties are associated with determining the active slip systems and the amount 
of slip on each of these systems if a rate independent model is employed for ?̇?(𝜅). Thus, Asaro 
and Needleman (1985) proposed a simple rate dependent crystal plasticity formulation that 
provides a good approximation to the rate independent limit and we employ their methodology 







However, unlike metallic crystals, plastic flow in the UHMWPE composites is pressure 
dependent as shown by the experiments of Attwood et al. (2014) and Chocron et al. (2014). 
Attwood et al. (2014) demonstrated that this pressure dependency is adequately characterised 
by a friction coefficient and based on these findings we define an effective resolved shear stress 
as 
?̂?(𝜅) = {  
max[(|𝜏(𝜅)| − 𝜇𝓅), 0]                𝓅 ≥ 0
|𝜏(𝜅)|                                               𝓅 < 0.
 (3.14) 
The pressure dependency is primarily associated with deformations of the matrix and hence 
the pressure 𝓅 is a measure of the pressure absent the fibre stresses. This pressure is thus 




(Σ22 + Σ33), (3.15) 
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and the non-negative friction parameter 𝜇 quantifies the pressure sensitivity of the composite. 
Then following Asaro and Needleman (1985), the shear rate ?̇?(𝜅)  is specified by a rate 
dependent law as 






where 𝜏𝑌 is the shear strength with the pressure 𝓅 = 0, ?̇?0 is a reference strain rate and 𝑚 is a 
rate sensitivity exponent such that the rate independent limit is retrieved for 𝑚 → 0 . The 
deformation energy rate per unit volume of the undeformed composite can then be calculated 




(𝐹𝑘𝑖𝐹𝑘𝑗 − 𝛿𝑖𝑗), (3.17) 






This completes the specification of the crystal plasticity constitutive description of the UD 
composite. 
 
3.4.2.3 Material properties 
Unless otherwise specified, all calculations used parameters for the Dyneema® composites   
described in Section 3.2.1 These material parameters are based on measurements reported in 
Russell et al. (2013) and Attwood et al. (2014). The moduli of the composite in the fibre and 
transverse directions are 𝐸𝑓 = 80 GPa and 𝐸𝑚 = 10 GPa , respectively while the Poisson’s 
ratios are 𝜐12 = 0 and 𝜐23 = 0.5 with 𝐺12 = 3 GPa. The shear strength of the composites with 
a polyurethane matrix is 𝜏𝑌 = 2 MPa while the pressure sensitivity co-efficient is 𝜇 = 0.05. 
The rate sensitivity parameters are chosen to approximately recover the rate independent limit 
and thus we take ?̇?0 = 0.1 s
−1  and 𝑚 = 0.1 . There are no reported measurements of the 
toughness 𝐽𝐼𝐶 of UHMWPE composites and this parameter shall be selected in order to obtain 
agreement with the penetration measurements reported here. In addition, parametric studies for 
the dependence of the predictions on 𝐽𝐼𝐶 are also reported.  
 
3.4.3 Finite element calculation of the deformation energy 
We wish to calculate the energy 𝑈𝐷 required to open a crack of length 2ℓ to accommodate a 
cylinder of radius 𝑎 (Fig. 3.10a) in a unit thickness slab of the composite. This is required to 
calculate the steady-state penetration pressure 𝑝𝑠𝑠  and, as discussed in Section 3.4.1, this 
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occurs with negligible deformation in the 𝑋3 −direction. Thus, it suffices to consider the plane 
strain problem sketched in Fig. 3.12a with deformation of the slab constrained to occur in the 
𝑋1 − 𝑋2 plane and the crack lying along the 𝑋1 −direction. Using symmetry considerations, 
we only model one quadrant of the slab with the centre of the punch located at the midpoint of 
the crack. For the elastic-plastic composite constitutive model described above, the 
deformation energy 𝑈𝐷 is in general dependent on the deformation path pursued to insert the 
cylindrical punch within the crack. The penetration of the conical tipped punch occurs by the 
opening and growth of the crack driven by the expansion of a cylindrical insert from an initial 
radius 𝑟 = 0 at the conical tip to the radius 𝑟 = 𝑎 of the punch. Here we try to emulate this 
deformation path as closely as possible by calculating 𝑈𝐷  with loading specified by the 
expansion of a cylinder located at the centre of the crack2. 
 
 
Figure 3.12: Sketches of the plane strain boundary value problems used to evaluate the energies 
(a) 𝑈𝐷 for the UD composite and (b) 𝑉𝐷 for the cross-ply composite, for inserting a circular punch 
of diameter 2𝑎 into the composites. The global co-ordinate system and the fibre direction are 
indicated in each case. 
 
The one quadrant of the plane strain slab of dimensions 𝑤 × 𝑤  (unit thickness in the 
𝑋3 −direction) along with the imposed symmetry boundary conditions is sketched in Fig. 3.12a. 
A crack of length 2ℓ spans −ℓ ≤ 𝑋1 ≤ ℓ and lies along 𝑋2 = 0 and all calculations reported 
here used a slab of size 𝑤 = 20ℓ (numerical experimentation confirmed that increasing the 
size of the block had a negligible effect on 𝑈𝐷). Loading was specified by expanding a circular 
                                                     
2 Other loading paths such as indentation of a cylindrical punch of radius 𝑎 to a depth 𝑎 (Shergold and Fleck, 
2004) were also investigated. These numerical results suggest that 𝑈𝐷 is relatively insensitive (to within 2%) to 
the loading path. 
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body centred at (𝑋1, 𝑋2) = (0,0) from an initial radius 𝑟 = 0
+ to 𝑟 = 𝑎 at a strain rate ?̇?/𝑟 =
?̇?0 with frictionless hard contact specified between the surface of the circular body and the 
crack flanks. The circular body is rigid in the sense that the loading imposed by the composite 
induces no deformation of the body. All calculations were performed using the commercial 
finite element (FE) package ABAQUS with the crystal plasticity constitutive model 
implemented as a user defined material model. The slab was meshed using 6-noded plane strain 
elements (CPE6 in the ABAQUS notation) and 𝑈𝐷 calculated as 






Here 𝐴 denotes the undeformed domain of the composite with the circular body expanding 
from its initial radius 𝑟 = 0+  at time 𝑡′ = 0  to 𝑟 = 𝑎  at 𝑡′ = 𝑇 . FE calculations were 
performed to determine 𝑈𝐷 in the range 2 ≤ ℓ/𝑎 ≤ 6.2 and the non-dimensional function ℱ 
estimated via the definition (3.4). (FE predictions of ℱ as a function of ℓ/𝑎 are included in 
Appendix B.) For a given toughness 𝐽𝐼𝐶, the steady-state crack length ℓ𝑠𝑠 was then estimated 
via (3.6) which involved the numerical differentiation of ℱ with respect to ℓ/𝑎 and the steady-
state penetration pressure then follows from (3.5). We emphasize that consistent with the 
experiments, the expansion of the cylindrical insert for all values of ℓ/𝑎 investigated here was 
accommodated by elastic deformations and plastic shearing with negligible pull-in of the 
composite along the 𝑋1 = 𝑤 plane.  
 
3.4.4 Comparison of measurements and predictions 
Predictions of the steady-state penetration pressure 𝑝𝑠𝑠  and the corresponding normalized 
crack lengths ℓ𝑠𝑠/𝑎 are included in Fig. 3.6a along with the measurements for the choice of 
toughness 𝐽𝐼𝐶 = 10 kJ m
−2. Excellent agreement is observed for both 𝑝𝑠𝑠 and ℓ𝑠𝑠/𝑎 over the 
range of punch diameters investigated here. In order to understand the dependence of these 
results on the choice of toughness we include in Fig. 3.6b predictions of the non-dimensional 
steady-state penetration pressure 𝑝𝑠𝑠/𝜏𝑌  and crack length ℓ𝑠𝑠/𝑎  as function of the non-
dimensional toughness 𝐽𝐼𝐶/(𝜏𝑌𝑎) . With increasing toughness (or equivalently decreasing 
punch diameter 𝑎), the penetration pressure 𝑝𝑠𝑠 increases. This is a result of a reduction in the 
relative cracking of the composite (i.e. decreasing ℓ𝑠𝑠/𝑎) and the consequent increase in the 
deformation that the composite needs to undergo to allow the punch to penetrate. The 
penetration size effect is thus a result of this competition between deformation and cracking of 
the composite with the relevant material length scale characterised by 𝐽𝐼𝐶/𝜏𝑌: for the choice of 
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𝐽𝐼𝐶 = 10 kJ m
−2  and 𝜏𝑌 = 2 MPa , 𝐽𝐼𝐶/𝜏𝑌  ≈ 5 mm  and thus size effects are observed for 
millimetre size punch diameters. 
 
One of the important outcomes of this analysis is that it provides an estimate of the mode-I 
inter-fibre splitting toughness 𝐽𝐼𝐶 of the UHMWPE composites. No independent measurement 
of this toughness has been reported in the literature to-date, presumably because the design of 
traditional fracture specimens such as compact tension or bend specimens has proved elusive. 











with 𝑟𝑝 ≈ 21 m for the material parameter values used here with 𝐽𝐼𝐶 = 10 kJ m
−2 . Thus, a 
traditional fracture test such as a compact tension test (which involves applying a load remote 
from the crack tip) will result in plastic collapse of the specimen with no associated asymptotic 
J-field around the crack tip for any reasonable test specimen size. The penetration tests reported 
here, which involve wedging open of the crack, circumvent this issue by directly applying an 
opening displacement near the crack tip. This permits the generation of a J-field in a relatively 
small specimen. In fact, such wedging/cutting tests represent the only practical option for 
measuring the fracture toughness of soft materials (e.g. butter) and UHMWPE composites fall 
into this class of materials due to their extreme anisotropy with a very low shear strength. 
Nevertheless, the mode-I delamination toughness of cross-ply composites with the crack 
propagating at the interface between the 0o and 90o plies has been reported (Lässig et al., 2016) 
to be ~400 J m−2. The intra-ply mode-I toughness inferred here is about 25 times higher at 
𝐽𝐼𝐶 = 10 kJ m
−2. To rationalise this, recall that Liu et al. (2014) and Attwood et al. (2015) 
observed that deformation of cross-ply UHMWPE composites occurs primarily by inter-
laminar shear rather than shearing within the plies. This suggests that intra-ply bonding of the 
matrix and the fibres is stronger than bonding between orthogonal plies. We thus argue that the 
higher intra-ply mode-I toughness is related to the stronger matrix/fibre bonding within plies 
compared to bonding between plies. 
 
 
3.5. Extension to the steady-state penetration of cross-ply composites 
We now proceed to extend the analysis of Section 3.4 to the steady-state penetration of the 
cross-ply composites with a ply thickness 𝑡. The X-ray image (Fig. 3.8) shows that penetration 
68 
 
involves the formation of mode-I cracks along the fibre directions in the alternating [0o/90o] 
plies. The high stiffness of the plies in the fibre direction relative to their transverse stiffness 
implies that the deformations from the opening of inter-fibre cracks within the plies cannot be 
accommodated via compatible deformations. Rather the crack opening deformations are 
accommodated by inducing shear delaminations between the plies. Deep within the specimen 
these delaminations do not result in opening in the 𝑋3 −direction and thus the delaminations 
cannot be observed in X-ray images. Here we propose a model by assuming that delaminations 
form between every ply and these delamination zones are circles of radius 𝑏 centred on the axis 
of the punch; see Fig. 3.10b. 
 
Consider the steady-state penetration of a cross-ply composite. The advance of the punch by 
the ply thickness 𝑡 results in the transformation of a single ply from its undeformed upstream 
state to its downstream state. In this downstream state the ply has a mode-I crack of length 2ℓ 
that accommodates the punch of radius 𝑎 and is delaminated from its adjacent ply over a 
circular zone of radius 𝑏. A work balance then dictates 
𝑝𝑠𝑠(𝜋𝑎






+ 𝑉𝐷 , (3.20) 
where 𝑉𝐷 is the energy required to open the crack of length 2ℓ to accommodate a cylinder of 
radius 𝑎 in a 0o ply of thickness 𝑡 that has delaminated from its adjacent 90o ply over a 
circular region of radius 𝑏 (Fig. 3.10b). Recalling that at steady-state the cracks are in a state 
of incipient crack advance, the mode-I and delamination toughnesses are related to 𝑉𝐷 via the 














respectively. Here we emphasize that 𝐽𝑑 is a combined mode-II/III delamination toughness 









and again, assuming that the toughnesses are independent of crack advance (i.e. no R-curve 






























Here 𝐽𝐼𝐶 and 𝐽𝑑𝐶  are the intra-ply mode-I and delamination toughnesses, respectively and the 




















3.5.1 Finite element calculation of the deformation energy 
The energy 𝑉𝐷 (or equivalently 𝒢) was calculated via FE calculations in a manner analogous to 
that described for the UD composite in Section 3.4.3. The main difference lies in simulating 
the bonded and delaminated parts of the plies of the cross-ply composite. This is accomplished 
by modelling a single ply of thickness 𝑡 with appropriately imposed boundary conditions and 
constraints. Here we explain these constraints by considering a single 0o  ply although a 
completely equivalent analysis is possible for a 90o ply. 
 
We wish to calculate 𝑉𝐷 for penetration by a punch of radius 𝑎 with a mode-I crack of length 
2ℓ  and a circular delaminated zone of radius 𝑏  centred at the axis of the punch. Using 
symmetry considerations, we model a quarter segment of a single 0o ply of thickness 𝑡 as 
shown in Fig. 3.12b such that the mode-I crack lies along 𝑋2 = 0 over the region −ℓ ≤ 𝑋1 ≤
ℓ . The delaminated zone is a circle of radius 𝑏 ≥ ℓ  centred at (𝑋1, 𝑋2) = (0,0)  with 
deformation of the ply restricted to the 𝑋1 − 𝑋2 plane, i.e. plane strain condition is imposed. 
Loading is specified by the expansion of a circular body centred at (0,0) as explained in 
Section 3.4.3 and here we focus on explaining the application of constraints to simulate the 
delaminated and bonded portions of the ply. 
 
In the delaminated region √𝑋1
2 + 𝑋2
2 < 𝑏, there is no deformation constraint imposed by the 
adjacent 90o  ply and hence no further constraints are specified on the material point 
displacement (𝑢1, 𝑢2) in this region. In the bonded region, √𝑋1
2 + 𝑋2
2 ≥ 𝑏, the adjacent 90o 
plies impose constraints on the deformation of the  0o ply. To understand these constraints, 
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recall that the 90o and 0o plies are identical except rotated 90o with respect to each other about 
the 𝑋3 − axis. Thus, in the bonded zone √𝑋1
2 + 𝑋2
2 ≥ 𝑏 , the displacements in the region 
(𝑋1, 𝑋2) with  𝑋1 ≤ 𝑋2 are related to the displacements in the region (𝑋1, 𝑋2) with 𝑋1 > 𝑋2 as 
 
𝑢1(𝑋1, 𝑋2) = 𝑢2(𝑋2, 𝑋1), 
𝑢2(𝑋1, 𝑋2) = 𝑢1(𝑋2, 𝑋1). 
 
(3.27) 
The energy 𝑉𝐷  (or equivalently the non-dimensional function 𝒢 ) was evaluated via FE 
calculations using the material properties detailed in Section 3.4.2 and the constraints on 
deformation described above. Calculations were performed for crack lengths ranging 2 ≤
ℓ/𝑎 ≤ 5.4  and 12 ≤ 𝑏/𝑎 ≤ 29 . (FE predictions of 𝒢(ℓ/𝑎, 𝑏/𝑎,ℳ)  are included in 
Appendix B.) The steady-state crack length ℓ𝑠𝑠 and 𝑏𝑠𝑠 then follow from Eqs. (3.25) and (3.26) 
with appropriate choices of the toughnesses 𝐽𝐼𝐶 and 𝐽𝑑𝐶 .  
 
3.5.2 Comparison of measurements and predictions 
Predictions of the steady-state pressure 𝑝𝑠𝑠 and associated normalized mode-I crack lengths 
ℓ𝑠𝑠/𝑎 are included in Fig. 3.9a as a function of the punch diameter 2𝑎 for the cross-ply 
composite with ply thickness 𝑡 = 60 μm. The mode-I intra-ply toughness is taken to be equal 
to that estimated from the UD penetration measurements and predictions (i.e. 𝐽𝐼𝐶 = 10 kJ m
−2) 
while the delamination toughness was set to 𝐽𝑑𝐶 = 25 J m
−2 so as to obtain the high level of 
agreement between predictions and measurements seen in Fig. 3.9a. The high penetration 
pressure 𝑝𝑠𝑠 of the cross-ply composites relative to the UD composites (the predictions of 𝑝𝑠𝑠 
for the UD composites from Fig. 3.6a are included in Fig. 3.9a) is due to a combination of the 
constrained deformation of the plies in the non-delaminated region and the additional 
dissipation resulting from the delamination of the plies around the penetrator. Moreover, over 
the range of punch diameters investigated in the experimental study, the size effect on the 
steady-state penetration pressure is relatively small. However, the predictions in Fig. 3.9a 
indicate that similar to the UD composites, 𝑝𝑠𝑠  rises sharply for 2𝑎 < 1 mm . The 
corresponding predictions for cross-ply composites penetrated by a punch of diameter 2𝑎 =
2 mm are included in Fig. 3.9b as a function of the ply thickness 𝑡: the good agreement with 
the measurements confirms the fidelity of the model and that the 𝐽𝐼𝐶 and 𝐽𝑑𝐶  values inferred 
here give good predictions over a range of composite types (UD and cross-ply), punch 




Measurements of the size 𝑏𝑠𝑠 of the delamination zone are not available as discussed above. 
Thus, while comparisons between observations and predictions of 𝑏𝑠𝑠 are not possible it is 
instructive to discuss predictions of the size of delamination zone. Predictions of 𝑏𝑠𝑠/𝑎 as well 
as ℓ𝑠𝑠/𝑎 are included in Fig. 3.13 as a function of the normalized delamination toughness 
𝐽𝑑𝐶/(𝜏𝑌𝑡) for selected values of the normalized mode-I toughness 𝐽𝐼𝐶/(𝜏𝑌𝑎). These results are 
restricted to a toughness ratio 𝐽𝐼𝐶/𝐽𝑑𝐶 = 400  corresponding to 𝐽𝐼𝐶 = 10 kJ m
−2  and 𝐽𝑑𝐶 =
25 J m−2 . While both  𝑏𝑠𝑠/𝑎  and ℓ𝑠𝑠/𝑎  decrease with increasing 𝐽𝑑𝐶   (or equivalently 
decreasing ply thickness 𝑡), there are three crucial differences: (i) the delamination zone as 
parameterised by 𝑏𝑠𝑠/𝑎 extends out much further than the mode-I cracks, i.e. 𝑏𝑠𝑠/𝑎 ≫ ℓ𝑠𝑠/𝑎; 
(ii) the size of the delaminated zone 𝑏𝑠𝑠/𝑎 depends strongly on 𝐽𝑑𝐶/(𝜏𝑌𝑡) while the mode-I 
crack lengths display only a mild dependence on 𝐽𝑑𝐶/(𝜏𝑌𝑡) and (iii) ℓ𝑠𝑠/𝑎 is sensitive to the 
punch diameter as parameterised by 𝐽𝐼𝐶/(𝜏𝑌𝑎) while this parameter has no influence on 𝑏𝑠𝑠/𝑎 
(at-least to within the numerical accuracy of the calculations). Thus, we argue that the 
delamination zone sizes are mainly set by the delamination toughness and the ply thickness.  
 
 
Figure 3.13: Predictions of the normalized delamination zone size 𝑏𝑠𝑠/𝑎 and the corresponding 
normalized mode-I crack lengths ℓ𝑠𝑠/𝑎 as a function of the normalized delamination toughness 
𝐽𝑑𝐶/(𝜏𝑌𝑡) for cross-ply composites with a toughness ratio 𝐽𝐼𝐶/𝐽𝑑𝐶  = 400. Results are shown for 




The relatively large delamination zone size of 𝑏𝑠𝑠/𝑎 ≈ 21  for the 𝑡 = 60 μm  cross-ply 
composite implies that specimens of size 𝐿 > 42 mm  are required to ensure that the 
delamination zone does not extend to the edge of a specimen penetrated centrally by a 2𝑎 =
2 mm punch. In fact, penetration experiments conducted on 𝐿 = 40 mm specimens of the 𝑡 =
60 μm cross-ply composite displayed delaminations extending to the edge of the specimen. 
This indirectly confirmed both the existence of the delamination zones as well as the 
quantitative fidelity of the predictions. 
 
Similar to the measurement of 𝐽𝐼𝐶  inferred from the penetration experiments on the UD 
composites, the penetration measurements on the cross-ply composites provide an estimate of 
the combined mode-II/III delamination toughness 𝐽𝑑𝐶  . Again, there are no reported 
independent measurements of this toughness. The predictions and measurements reported here 
suggest that 𝐽𝑑𝐶 ≪ 𝐽𝐼𝐶 . Thus, consistent with the observations made in Section 3.4.4 on the 
inferior inter-laminar properties of UHMWPE composites we surmise that this difference in 
the magnitude of the two toughnesses is related to the poor inter-ply bonding between the 
matrix and the fibres. 
 
3.6. Design maps for penetration resistance 
The high penetration resistance of the cross-ply UHMWPE composites makes them attractive 
candidates for use in systems such as vests for protection against knife attacks. With the 
development of new higher strength UHMWPE fibres as well as methods to manufacture 
composites with specified ply thicknesses, an immediate question that arises is: what is the 
optimal combination of material and microstructural parameters to maximise penetration 
resistance? With this in mind we will develop a design methodology to optimise the ply 
thickness for a given tensile strength Σ𝑓 of the ply in the fibre direction and a delamination 
toughness 𝐽𝑑𝐶 . Unless otherwise specified, the design maps in this section use all materials 
properties fixed at the values specified in Section 3.4.2 with 𝐽𝐼𝐶 = 10 kJ m
−2  and 𝐽𝑑𝐶 =
25 J m−2. 
 
3.6.1 Deformation mechanism map 
The UHMWPE composite conforms around the penetrating cylindrical punch as seen in Fig. 
3.5. This deformation is expected to generate the highest fibre stresses at or near the contact 
between the composite and the cylindrical surface of the punch. In all the measurements 
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reported here, these fibre stresses were insufficient to result in fibre fracture although it is 
conceivable that penetration of a composite with a sufficiently high toughness and/or 
sufficiently thin plies will result in fibre fracture. Here we develop a deformation mechanism 
map to investigate the range of material parameters where fibre fracture will be triggered by 
penetration. 
 
In order to evaluate the occurrence of fibre fracture we define a co-rotational stress in the 
intermediate configuration  
?̂?𝑖𝑗 = 𝑅𝑚𝑖
∗ 𝜎𝑚𝑛𝑅𝑛𝑗
∗ , (3.28) 
such that ?̂?11 gives the true ply stress in the local fibre direction in a 0
o ply with 𝑅𝑖𝑗
∗  denoting 
the proper orthogonal rotation tensor of 𝐹𝑖𝑗
∗ . FE predictions of ?̂?11 in a 0
o ply within a cross-
ply composite penetrated by a 2𝑎 = 2 mm punch are shown in Fig. 3.14a for normalized 
mode-I crack length ℓ/𝑎 = 4 and delamination zone radius 𝑏/𝑎 = 21. Recall that the model 
is only applicable for steady-state penetration and hence these predictions only pertain to 0o 
plies which are both far downstream from the punch tip and deep within the specimen. The 
maximum value of ?̂?11 , labelled ?̂?max occurs at the contact between the composite and the 
punch along the 𝑋1 = 0 symmetry line. Fibre fracture will occur if ?̂?max exceeds a material 
critical value Σ𝑓 (Σ𝑓 = 𝓋𝑓𝜎𝑓 for UHMWPE composites comprising a volume fraction 𝓋𝑓 of 
fibres with a tensile strength 𝜎𝑓) and thus we proceed to investigate the dependence of ?̂?max  
on ply thickness 𝑡 and delamination toughness 𝐽𝑑𝐶  for a cross-ply composite penetrated by a 
punch of diameter 2𝑎 = 2 mm. All other material parameters are held fixed at their reference 
values. 
 
A deformation mechanism map with axes 𝐽𝑑𝐶  and ply thickness 𝑡 is plotted in Fig. 3.14b for 
penetration by the 2𝑎 = 2 mm punch. Contours of both the maximum ply stress ?̂?max and the 
steady-state penetration pressure 𝑝𝑠𝑠  are included in the map. These contours are 
approximately parallel to each other indicating that both these metrics have a similar 
dependence on (𝐽𝑑𝐶 , 𝑡) with ?̂?max as well as 𝑝𝑠𝑠 increasing with increasing 𝐽𝑑𝐶  and decreasing 
𝑡. The contour ?̂?max = Σ𝑓 demarcates the regime where fibre fracture is expected to occur for 
the choice Σ𝑓 = 2.5 GPa  (This choice is based on the strength 𝜎𝑓 = 3 GPa  of the SK76 
UHMWPE fibres and a fibre volume fraction 𝓋𝑓 = 83% in the composites investigated here.) 
The composites investigated here have a delamination toughness 𝐽𝑑𝐶 = 25 J m
−2 and the map 
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in Fig. 3.14b suggests that fibre fracture in this class of composites will occur for composites 
with ply thickness 𝑡 < 25 μm. 
 
   
Figure 3.14: (a) FE predictions of the corotational stress ?̂?11 around the punch in a 0
o ply within 
a 𝑡 = 60 μm cross-ply composite penetrated by a 2𝑎 = 2 mm punch, with normalized mode-I 
crack length ℓ/𝑎 = 4 and delamination zone radius 𝑏/𝑎 = 21 . Note that the magnified view is 
shown with a different stress scale to illustrate the highly stressed regions more clearly. (b) A 
deformation mechanism map with axes of the delamination toughness 𝐽𝑑𝐶 and ply thickness 𝑡 
for penetration by a 2𝑎 = 2 mm punch. Contours of the steady-state penetration pressure 𝑝𝑠𝑠 
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and maximum ply stress ?̂?max are included with the boundary demarcating the region of fibre 
fracture marked for the choice of ply strength Σ𝑓 = 2.5 GPa. 
 
3.6.2 Optimal designs 
Suppose we wish to maximise the penetration resistance of the cross-ply composite as 
parameterised by 𝑝𝑠𝑠  for a given ply strength Σ𝑓 . Since the contours of 𝑝𝑠𝑠  and ?̂?max  are 
parallel to each other in Fig. 3.14b, this optimisation reduces to determining the combination 
of 𝐽𝑑𝐶  and 𝑡 such that the maximum ply stress ?̂?max = Σ𝑓. Moreover, this also implies that the 
maximum penetration pressure 𝑝𝑠𝑠
max is a unique function of Σ𝑓. This dependence of 𝑝𝑠𝑠
max on 
Σ𝑓 for the 2𝑎 = 2 mm diameter punch is plotted in Fig. 3.15a from the design map in Fig. 
3.14b, i.e. material properties listed in Section 3.4.2 with 𝐽𝐼𝐶 = 10 kJ m
−2. We observe that 
increasing the ply strength from Σ𝑓 = 2.5 GPa to 3 GPa increases 𝑝𝑠𝑠
max from approximately 
1 GPa to about 1.1 GPa. 
 
 
Figure 3.15: Predictions of (a) the maximum steady-state penetration pressure 𝑝𝑠𝑠
max as a function 
of the ply strength Σ𝑓 of the cross-ply composite. (b) The corresponding optimal ply thickness 
𝑡opt as a function of Σ𝑓 for three selected values of the delamination toughness 𝐽𝑑𝐶. 
 
Optimal designs as characterised by (𝐽𝑑𝐶
opt
, 𝑡opt) for a given Σ𝑓 (all have an equal penetration 
resistance 𝑝𝑠𝑠
max as plotted in Fig. 3.15a) can immediately be obtained by following the contour 
?̂?max = Σ𝑓 in Fig. 3.14a. However, it is typically difficult to alter the ply strength (set mainly 
by the fibre strength) and the delamination toughness but relatively straightforward to change 
the ply thickness. Thus, a practical optimisation problem is to determine the optimal ply 
thickness 𝑡opt for a given combination of 𝐽𝑑𝐶  and Σ𝑓. Predictions of this optimal ply thickness 
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are included in Fig. 3.15b as a function of Σ𝑓 for three selected values of 𝐽𝑑𝐶 . With increasing 
ply strength Σ𝑓 , the ply thickness 𝑡
opt required to attain the maximum penetration pressure 
𝑝𝑠𝑠
max decreases. In fact, for Σ𝑓 > 2.75 GPa, the optimum ply thickness drops below 20 μm for 
𝐽𝑑𝐶 = 25 J m
−2. Composites with such thin plies are not only challenging to manufacture but 
also impractical as they have a thickness on the order of the fibre diameter. The results in Fig. 
3.15 suggest that 𝑡opt increases with increasing 𝐽𝑑𝐶  for a given ply strength, i.e. increasing the 




3.7.  Concluding remarks 
The penetration of fibre reinforced ultra-high molecular weight polyethylene (UHMWPE) 
composites by sharp-tipped cylindrical punches was investigated through both measurements 
and associated micro-mechanical models. The main findings can be summarised as follows: 
(i) Penetration occurred with no fibre fracture and the penetration pressure increased 
with decreasing punch diameter for both UD and cross-ply composites. This size 
dependence was observed for punch diameters on the millimetre length scale and 
thus much stronger than the micron scale size dependence of the 
indentation/penetration response of metals.  
(ii) The penetration pressure also increased with decreasing ply thickness of the cross-
ply composites. In both UD and cross-ply composites, the sharp-tipped punch 
penetrates by the formation of mode-I cracks along the fibre directions, followed 
by the wedging open of the crack by the advancing punch. These mode-I cracks 
form in orthogonal directions in the adjacent 0o and 90o plies in the cross-ply 
composite. The ensuing incompatible deformation between these adjacent plies 
induces delamination around the penetrator.  
(iii) A combination of the dissipation due to delamination and the constraint imposed on 
the deformation of each ply by the alternating 0o  and 90o  plies results in a 
penetration pressure on the order of 1 GPa for the cross-ply composites and is 
approximately 3 times larger than that of a UD composite penetrated by a punch of 
equal diameter. 
(iv) The micro-mechanical models suggest that the competition between the 
deformation of the composite by wedging open of the crack and the extension of 
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the mode-I and delamination cracks results in the observed size dependence of the 
penetration pressure. 
(v) The models were used to develop design maps for the penetration resistance of 
cross-ply composites and to infer composite designs that maximise the penetration 
resistance for a given fibre strength. In particular, these calculations suggest that 
increasing the delamination toughness permits optimum performance for 
composites with thicker plies that are more practical from a manufacturing 
perspective.  
 
The penetration measurements and models reported here have provided estimates of the mode-
I inter-fibre splitting toughness 𝐽𝐼𝐶 and the combined mode-II/III delamination toughness 𝐽𝑑𝐶 . 
The large mode-I fracture toughness and the low shear strength of UHMWPE composites make 
the design of traditional fracture toughness tests (e.g. compact tension) very difficult and hence 
to-date no measurements of these toughnesses have been reported in the literature. In fact, our 
estimates suggest that 𝐽𝐼𝐶/𝐽𝑑𝐶 = 400  with 𝐽𝐼𝐶 = 10 kJ m
−2 . Most UHMWPE composite 
penetration experiments involve blunt penetrators with continued penetration occurring via 
fibre fracture. The high penetration resistance in such circumstances is attributed to the high 
fibre strength. By contrast, penetration by sharp-tipped punches involves no fibre fracture, and 
we argue that the high penetration resistance in such cases is to a large extent due to the high 
toughnesses of these composites. 
 
 
Appendix A: Protocol for estimating crack lengths in the cross-ply specimens 
from plain radiographs 
X-ray tomographic imaging of the cross-ply composites was not feasible as the X-ray opaque 
Tungsten-Carbide/Cobalt punches cast a large shadow. We thus inferred the sizes of the mode-
I intra-ply cracks in the cross-ply composites from plain radiographs. In plain radiographs, 
geometric magnification results from the fact that the detector is further away from the source 
than the object and here we explain the methodology used to determine the radiographic 
magnification factor and hence extract the mode-I crack lengths from plain radiographs such 







Figure 3.16: (a) Sketch of the setup for a plain radiograph of the penetrated cross-ply composite 
with the symbols of key dimensions marked. (b) A plane radiograph of a 𝑡 = 60 μm cross-ply 
composite penetrated by a 2𝑎 = 3 mm punch. The radiograph shows the entire image on the 
detector plane including the image of the calibration ring. The scale bar shows the size of the 
image on the detector plane.  
 
Consider the imaging of a cross-ply composite along with the penetrator. The plain radiograph 
is taken by shining an X-ray source in the 𝑋3 −direction with the rear of the punch nearest to 
the source as sketched in Fig. 3.16. For the sake of simplicity, we neglect the finite size of the 
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focal spot of the X-ray source and hence ignore the resulting unsharpness in the image on the 
detector plane. The radiographic magnification is clearly seen in Fig. 3.16a where the 
cylindrical punch of diameter 2𝑎 appears as a shadow of diameter 2𝒜 on the detector plane. 
We wish to determine the mode-I crack size 2ℓ𝑠𝑠 from its image of length 2ℒ on the detector 





𝓈 + 𝒽1 + 𝒽2
ℋ






 , (A1) 
where 𝓈 is the distance from the source to the rear of the punch while 𝒽1 and 𝒽2 are the punch 
lengths outside and within the specimen such that 𝒽1 + 𝒽2 is the total length of the punch (here 
we assume that the mode-I crack attains its steady-state length at 𝜉 ≈ 𝑎 tan𝛼). Combining the 











A direct measure of 𝓈 is not available from the X-ray setup and hence an indirect method was 
used to estimate 𝓈 . An X-ray opaque circular calibration ring of external diameter 2𝑐 was 
placed on the flat surface of the specimen. This ring casts a shadow of diameter 2𝒞 (Fig. 3.16b) 






 , (A3) 




)𝒽1 . (A4) 
Equations (A2) and (A4) then directly provides an estimate of ℓ𝑠𝑠: measurements of ℒ, 𝒜 and 
𝒞 are directly available from measurements from the radiograph while 𝑎 and 𝑐 are known sizes 
of the punch and the ring. The length 𝒽1 is measured from the penetrated specimen while 𝒽2 
is the residual length of the punch. 
 
 
Appendix B: FE predictions of the non-dimensional deformation energies 𝓕 
and 𝓖 
FE predictions of the non-dimensional deformation energy ℱ for the UD composite is included 
in Fig. 3.17a for non-dimensional mode-I crack lengths in the range 2 ≤ ℓ/𝑎 ≤ 5 while the 
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equivalent energy 𝒢 for the cross-ply is plotted in Fig. 3.17b as a function of ℓ/𝑎 for selected 
values of the non-dimensional delamination zone size 𝑏/𝑎. Given the toughnesses, 𝐽𝐼𝐶 and 𝐽𝑑𝐶 , 
the derivatives of these functions directly provide the steady-state crack sizes and the 
penetration pressures as detailed in Section 3.4. 
 
 
Figure 3.17: FE predictions of the non-dimensional deformation energies (a) ℱ  for the UD 
composite and (b) 𝒢 for the cross-ply composite as a function of the normalized mode-I crack length 
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4. Failure mechanism maps for ultra-high molecular weight 
polyethylene fibre composite beams impacted by blunt projectiles 
 
Synopsis 
The mechanisms via which failure is initiated in [0o/90o]𝑛  ultra-high molecular weight 
polyethylene fibre reinforced composite beams during impact by cylindrical projectiles is 
investigated using detailed finite element (FE) calculations. Each ply of the beam is discretely 
modelled using a pressure-dependent crystal plasticity framework that accurately accounts for 
both the large shear strains and fibre rotations that occur within each ply. These FE calculations 
were used to construct failure mechanism maps for a range of impact velocities, beam shear 
strengths and ply tensile strengths. Two dominant failure mechanisms emerged from the study: 
(i) Failure of plies immediately under the projectile via an indirect tension mechanism in which 
compressive stress imposed normal to the plies by the projectile induces tensile in-plane ply 
strains due to the anisotropic expansion of the alternating 0o/90o plies. This is referred to as 
mode I failure. (ii) Failure due to tensile fibre straining at the rear of the impacted beam 
resulting from beam bending and accompanying ply stretching. This is referred to as mode II 
failure. The mode I indirect tension failure mode is dominant at low shear strengths while 
mode II failure dominates at high shear strengths. The simulations show that low beam shear 
strengths help relax tensile stresses within the beams, and this typically results in the need for 
a higher impact velocity to initiate failure. The calculations thus give a mechanistic 
understanding of experimental observations that have shown low shear strength composites 
possess a superior ballistic performance. The failure mechanism maps also reveal the existence 
of an optimal shear strength at which the velocity required to initiate failure is maximised: this 
optimal shear strength increases with increasing tensile fibre (or ply) strength thereby 










4.1.  Introduction  
Fibre composites with high tensile strengths but low shear strengths are known to have 
excellent ballistic protection properties. The most common examples of such ballistic fibre 
composites include aramid (e.g., Kevlar) fibre composites (Grujicic et al., 2012) and fibre 
composites comprising ultra-high molecular weight polyethylene (UHMWPE) fibres (Van Der 
Werff and Heisserer, 2016). In the majority of these applications, the fibre composites are used 
in a [0o/90o]𝑛 layup. For example, the HB26 Dyneema
® composite manufactured by DSM 
(DSM, Het Overloon 1, 6411 TE Heerlen, The Netherlands) comprises approximately 80 % by 
volume SK76 UHMWPE fibres in a polyurethane matrix with a ply thickness of about 60 μm. 
UHMWPE fibre composites are typically constructed from plies of aligned polyethylene fibres 
(with fibre Young’s moduli and tensile strengths approaching 130 GPa and 2.5 GPa 
respectively) in a polymer matrix with a low elastic modulus. In the fibre direction, the ply 
modulus/strength is very high and approaches the Voigt bound. However, the Young’s modulus 
and tensile strengths in the directions orthogonal to the fibres as well as the shear moduli and 
strengths are very low (on the order of a few MPa). This extreme anisotropy in both moduli 
and strengths has dramatic effects on the mechanism of penetration by blunt projectiles. In 
ceramic materials, such an impact induces cone and radial cracking with severe comminution 
directly beneath the projectile (Gooch, 2011) and similar modes are also observed in carbon 
fibre reinforced polymer (CFRP) composites (Cantwell and Morton, 1991). On the other hand, 
in ductile metals such an impact results in either adiabatic shear facilitated plug formation or 
failure by petalling (Corbett et al., 1996). However, none of these failure modes have been 
observed in UHMWPE composites, and this is thought to be related to their highly anisotropic 
nature. This study seeks to develop a mechanistic understanding of failure modes in UHMWPE 
composites and to relate them to the underlying material properties.  
  
As discussed in Chapter 2, while the Cunniff (1999) theory for ranking the ballistic 
performance of fibres has proven invaluable, using Eq. (2.2) to gauge the ballistic performance 
of fibre composite structures has proved less successful. The primary limitation of the Cunniff 
(1999) analysis is that it suggests that the 𝑉50 is independent of the composite shear strength. 
This is however contrary to a range of experimental findings; see for example Karthikeyan et 
al. (2013) for UHMWPE composites and carbon fibre reinforced polymer (CFRP) composites, 
De Ruijter et al. (2010) for aramid composites and Yu et al. (2017) for CFRPs. For example 
Karthikeyan et al. (2013) showed that the 𝑉50 of a clamped circular CFRP plate impacted by a 
86 
 
8.3 g spherical steel projectile reduces from 300 ms−1 to 100 ms−1 as the composite shear 
strength 𝜏𝑌 is increased from 0.1 MPa to 100 MPa even though the fibre type, composite layup 
and fibre volume fraction all remained unchanged. The reason that the Cunniff (1999) model 
fails to predict this large sensitivity of the ballistic performance to shear strength can be traced 
back to the fact that it implicitly assumes failure in the stretching mode, as analysed by Phoenix 
and Porwal (2003). This means that the composite structures either survive impact with no 
failure or for impact at a velocity ≥ 𝑉50 allow the projectile to pass through with failure of all 
plies. Again, this is contrary to observations. For example, Karthikeyan et al. (2013) reported 
a progressive failure of clamped circular HB26 Dyneema® plates impacted by spherical steel 
projectiles. X-ray micrographs after impact shown in Fig. 4.1 clearly illustrate: (i) plies that 
make initial contact with the projectile fail first and (ii) an  increasing number of plies fail with 
increasing impact velocity 𝑉 . At 𝑉 ≈ 450 ms−1 the projectile fully penetrates through the 
plate due to the failure of all plies. This failure mode is not consistent with that assumed in the 




Figure 4. 1: Summary of the penetration mode of HB26 Dyneema® composite plates impacted 
normally and centrally by an 8.3 g spherical steel projectile at a velocity 𝑉. The figure adapted from 
Karthikeyan et al. (2013) shows X-ray cross-sectional images of the composite plates that reveal an 
increasing number of failed plies with increasing impact velocity (the direction of impact is marked). 
 
The above observations have been confirmed via a number of independent studies. Greenhalgh 
et al. (2013) have reported a detailed fractography study and qualitatively argued that the matrix 
shear strength influences energy absorption and failure mechanisms in UHMWPE composites 
while O’Masta et al. (2015) also confirmed that failure in UHMWPE composites occurs in a 
progressive manner immediately under the projectile. A consequence of this dependence of the 
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ballistic performance on shear strength is that the Cunniff (1999) analysis significantly 
overpredicts the ballistic resistance of UHMWPE composites as shown by Karthikeyan and 
Russell (2014). Shear plugging has been proposed as a possible mode that intervenes and sets 
the ballistic resistance of CFRP composite plates (Cantwell and Morton, 1991, 1989; Lee et al., 
2001). However, a recent experimental study by Attwood et al. (2016) demonstrated that failure, 
at-least in UHMWPE composites, is not set by shear plugging but via an indirect tension 
mechanism proposed in Attwood et al. (2014) and Woodward et al. (1994). Such a failure 
mechanism was also suggested in the experimental study of O’Masta et al. (2016). A number 
of continuum models (Grujicic et al., 2008; Hazzard et al., 2018; Iannucci and Pope, 2011) 
within a finite element setting have been employed in attempts to capture these observations. 
However, while these models have had some success in making quantitative predictions 
(Nguyen, 2015), they have been unable to reproduce the progressive failure processes and do 
not give a mechanistic understanding of the failure processes and more importantly, they are 
not capable of explaining the dependency of the ballistic performance on the shear strength.  
 
In the current study, we investigate the interplay between ply shear strength, tensile ply (or 
fibre) strength, beam thickness and impact velocity on the mechanisms by which failure is 
initiated in [0o/90o]𝑛 composite beams impacted by blunt projectiles. While the focus of the 
study is on UHMWPE composites, the numerical model and the results are general and can be 
readily interpreted for most other fibre composites such as those made from aramid and even 
carbon fibres. The outline of the paper is as follows. We begin by describing the problem under 
consideration and then detail the crystal plasticity based constitutive model used to model each 
individual ply in the composite beam. Numerical results for the impact of beams are then 
presented and used to develop failure mechanism maps that illustrate the failure mechanisms 
as a function of shear strength, impact velocity and fibre/ply tensile strength.  
 
 
4.2.  Analysis of the dynamic impact of an UHMWPE composite beam 
The aim of this study is to develop a mechanistic understanding of the initiation of failure in a 
UHMWPE structure impacted by a blunt projectile. In keeping with this overall aim, we design 
a significantly simplified model problem where these mechanisms are most readily revealed.  
The failure mechanisms we are primarily interested in are those immediately under the 
projectile and its vicinity; see for example Fig. 4.1. This is because the impacted structures are 
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typically very large compared to the projectiles. Thus, to eliminate issues associated with the 
precise boundary conditions we consider an infinite free-standing UHMWPE structure 
impacted by a blunt projectile as shown in Fig. 4.2. Moreover, in order to reduce computational 
cost, we shall consider a plane strain two-dimensional (2D) situation of an infinite free-standing 
beam in the 𝑋1 − 𝑋2 plane as shown in Fig. 4.2 impacted by a cylindrical projectile whose axis 
is parallel to the 𝑋3-direction. This 2D simplified model will be shown to display deformation 
and failure mechanisms that are qualitatively similar to observations such as those discussed 
in Karthikeyan et al. (2013) for a circular plate impacted centrally by a spherical projectile.  
 
 
Figure 4.2: Sketch of the problem under consideration in this study. An infinitely long [0o/90o]𝑛 
composite beam with ply thickness ℎ is impacted normally and centrally by a cylindrical projectile 
of diameter 𝐷 at time 𝑡 = 0 with a constant velocity 𝑉0. The global co-ordinate system 𝑋1 − 𝑋2 is 
indicated with the sketch showing an 𝑛 = 3 beam. The inset shows a zoom-in of the 0o/90o ply 
architecture. 
 
4.2.1 Description of the boundary value problem of the impact of a beam 
Consider an infinitely long free-standing beam comprising an alternating [0° /90°  stacking 
sequence of 2𝑛 unidirectional (UD) layers of the UHMWPE composite, i.e., alternating layers 
(plies) with fibres aligned along the 𝑋1 longitudinal beam direction (labelled as 0° fibres) and 
89 
 
layers with fibres in the 𝑋3-direction (labelled as 90° fibres); see inset in Fig. 4.2. Each UD 
layer is of thickness ℎ so that the [0o/90o]𝑛 composite beam has an overall thickness 𝐻 =
2𝑛ℎ. Deformation of the beam of density 𝜌 is constrained to occur in the 𝑋1 − 𝑋2 plane with 
plane strain conditions assumed. This initially straight beam is assumed to be normally 
impacted by a rigid cylindrical projectile of diameter 𝐷 at time 𝑡 = 0, and we set the location 
of the origin of the co-ordinate system such that impact occurs at 𝑋1 = 0. The initiation of 
failure (if it occurs) typically takes place very early in the impact process when there has been 
a negligible deceleration of the projectile. Thus, in order to reduce the number of variables 
under consideration, we restrict our analysis to the case of a projectile constrained to move 
with a constant velocity 𝑉0 in the negative 𝑋2 -direction. This approximation only is valid 
throughout the history of the beam deformation when 𝑚𝑝/(𝜌𝐻
2) → ∞  where 𝑚𝑝 is the mass 
of the projectile per unit depth in the 𝑋3-direction, i.e., an infinitely heavy projectile that is not 
decelerated by the beam.  
 
4.2.2  Constitutive model 
In order to solve this impact problem, we need to specify an appropriate constitutive model for 
the UHMWPE composite. Existing models broadly fall into one of two categories: type (i) 
homogenised models (Grujicic et al., 2008; Hazzard et al., 2018; Iannucci and Pope, 2011) at 
the composite scale using effective properties of the [0o/90o]  composite and thus not 
accounting for the heterogeneity of the beam in terms of the [0o/90o] layup; and type (ii) 
homogenised models for individual UD composite layers; see for example Attwood et al. (2014) 
and Liu et al., (2018). The choice of the model depends on the deformation and failure 
mechanisms we consider to be important for this impact problem and the relative abilities of 
the models to capture these mechanisms.  We thus briefly review some key observations to 
motivate our choice of constitutive model.  
 
Impact of UHMWPE composite structures results in numerous deformation and failure 
processes including ply delamination. With failure defined as an event that permits the 
projectile to pass through the structure, delamination is not a failure mode because each 
individual ply remains intact. Thus, failure is only associated with tensile fibre fracture. With 
this definition in mind, failure of UHMWPE composite plates under impact loading is primarily 
associated with two failure modes (Fig. 4.3): 
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(i) Failure of plies via fibre fracture immediately under the projectile (Fig. 4.3a). This 
tensile failure of the plies initiates very early in the impact process (Attwood et al., 
2015) when the loading is primarily the transverse compressive loading imposed by 
the impacting projectile. It is thus conjectured that the mechanism of failure, in this 
case, is the so-called indirect tension mechanism (Attwood et al., 2014) as 
illustrated in the inset of Fig. 4.3a. Here the anisotropic in-plane deformation of the 
alternating [0o/90o]  plies results in the build-up of fibre tension from the 
imposition of an out-of-plane (transverse) compressive stress.  
(ii) Tensile failure of the plies due to bending/stretching of the plate or beam. The 
precise mechanism of this mode is unclear as no direct experimental observations 
of this mode have been reported to-date. Such direct tensile failure can occur in two 
ways: (a) uniform tensile stretching of the beam in a string-like model as assumed 
by Phoenix and Porwal (2003) and shown in Fig. 4.3b and (b) bending of the beam 
resulting in tensile straining on the rear face (Fig. 4.3c).  
 
Constitutive models of type (i) are computationally more efficient as we do not need to 
discretely model each ply in the structure. However, as these models do not account for the 
anisotropy between alternating plies, they cannot capture the indirect tension mechanism. 
Hence, here we consider models of type (ii) with the plies modelled discretely. A number of 
such models have been proposed for UHMWPE composites including (a) the rebar approach 
proposed by Nazarian and Zok  (2014) where  fibres are included as so-called rebars within an 
isotropic matrix and (b) the continuum anisotropic elastic-plastic model of Attwood et al. 
(2014). While the rebar model of Nazarian and Zok  (2014) accounts for the rotation of the 
fibres in the finite deformation setting, it is difficult to include the pressure sensitivity of yield 
that is known to be significant for UHMWPE composites (Chocron et al., 2014; Attwood et al., 
2014). On the other hand, the anisotropic plasticity model of Attwood et al. (2014) includes the 
pressure sensitivity but does not accurately account for the evolution of fibre orientations in a 
finite deformation. A crystal plasticity approach recently proposed by Liu et al. (2018) and 
detailed in Chapter 3 addresses these deficiencies by including both the effects of fibre rotation 






Figure 4.3: Sketches of tensile fibre failure modes in UHMWPE composites under impact loading. 
(a) Indirect tension failure in the ply immediately under the projectile. The insets show the 
development of the indirect tension under compressive loading due to the anisotropic expansion of 
the alternating 0o and 90o plies. (b) Tensile fracture by uniform stretching of the beam in a string-
like mode. (c) Tensile fracture at the rear of the beam due to bending deformation of the beam. 
 
4.2.2.1 Crystal plasticity model for a single UD ply 
The crystal plasticity model developed in Chapter 3 is used to model each single UD ply. Unless 
otherwise specified, the parameters used in the current study are based on the experimental 
measurements reported in Russell et al. (2013) and Attwood et al. (2014) for UHMWPE 
composites comprising SK76 fibres in a polyurethane matrix manufactured by DSM under the 
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tradename Dyneema® (commercial designation from the manufacturer is HB26). The elastic 
moduli in the fibre and transverse directions are 𝐸𝑓 = 80 GPa and 𝐸𝑚 = 10 GPa, respectively 
while the corresponding Poisson’s ratios are 𝜐12 = 0 and 𝜐23 = 0.5 with 𝐺12 = 3 GPa . The 
shear yield strength of the HB26 composite is 𝜏𝑌 = 2 MPa  and rate independent plastic 
behaviour is approximated by taking ?̇?0 = 0.1 s
−1  and 𝑚 = 0.1 . The measurements of 
Attwood et al. (2014) and Chocron et al. (2014) suggest that the friction coefficient 𝜇 = 0.05 
and the density of the UD plies is taken to be 𝜌 = 970 kg m−3 in the dynamic calculations 
reported subsequently. 
 
4.2.3 Numerical solution of the impact problem 
All simulations were performed for a [0o/90o]𝑛 HB26 UHMWPE composite beam with ply 
thickness ℎ = 60 μm. A scoping study indicated that the initial failure mode is insensitive to 
the order to the plies, i.e., results are independent of whether the impacted surface of the beam 
is a 0o or 90o ply. Thus, all results presented here are for a beam where the impacted surface 
is a 0o ply. In the majority of the simulations, the beam comprised 𝑛 = 10 cross-plies (i.e., 20 
UD plies in total) with some selected results also presented for the 𝑛 = 20 case. The projectile 
was assumed to be rigid with diameter 𝐷 = 4 mm so that 𝐷/ℎ ≈ 67 in all simulations. The 
simulations focussed on tensile fracture of the plies in which delamination was neglected, i.e., 
perfect bonding was assumed between the alternating 0o and 90o plies.  
 
All simulations were performed in a dynamic setting using the explicit version of commercial 
Finite Element (FE) Package  ABAQUS (Dassault Systems Simulia Corp, 2013). Finite strain 
calculations were performed with the beams discretised using 3D eight-noded linear elements 
with reduced integration (C3D8R in the ABAQUS notation). Plane strain conditions were 
imposed by using one element in the 𝑋3-direction with the displacement 𝑢3 of all nodes in the 
𝑋3- direction set to zero. Elements of size 𝑒 ≈ ℎ/10 were employed so as to accurately capture 
both wave propagation as well as bending of individual plies so that the 𝑛 = 20  beams 
comprised ~500k elements. The explicit FE calculations required a time step of 0.01 ns and 
typically calculations were run over a timespan of 100 μs. Loading was imposed by the rigid 
projectile of diameter 𝐷 normally impacting the beam with a velocity 𝑉0 as shown in Fig. 4.2. 
Impact occurred at 𝑋1 = 0 at time 𝑡 = 0 with the velocity 𝑉0 remaining constant throughout 
the loading history. Contact between the rigid projectile and the beam was modelled as a hard-




The constitutive model developed in Chapter 3 was implemented using the VUMAT 
functionality provided in ABAQUS. In addition to the deformation mechanisms, a key output 
of the analysis is the prediction of the initiation of failure. As discussed above, we define 
material failure as an event which permits the projectile to begin to penetrate through the beam, 
and this requires fibre fracture. Fibre fracture in the context of the constitutive model is set by 
the Cauchy stress in a UD ply in the fibre direction. Here the co-rotational stress tensor ?̂?𝑖𝑗 
defined in Chapter 3 (3.28) is used, and ?̂?11 is the ply stress in the local fibre direction for a 
0o  ply (and similarly ?̂?33 is the stress in the local fibre direction in a 90
o ply), Fracture is 
expected to be initiated when these stresses attain a critical value Σ𝑓 . Experiments (Russell et 
al., 2013) on HB26 composites suggest that Σ𝑓 = 2.5 GPa and this will be used as a reference 
value in the numerical results presented below. The sensitivity of beam failure to this ply 
strength will also be investigated. 
 
 
4.3.  Impact response of UHMWPE composite beams 
We now proceed to discuss numerical predictions of the deformation and failure initiation 
mechanisms in these UHMWPE composite beams and illustrate the role of the shear strength 
𝜏𝑌. We do this by keeping all material properties, other than 𝜏𝑌, fixed (at their reference value 
given in Section 4.2.2.1) and present results for the case of low and high shear strength beams 
with 𝜏𝑌 = 2 MPa and 20 MPa, respectively. Unless otherwise stated, we also focus in this 
section on the case of an impact velocity 𝑉0 = 200 ms
−1. Predictions of the deformation of 
the UHMWPE composite beams at selected times 𝑡  and yield strength 𝜏𝑌 = 2 MPa  and 
20 MPa are shown in Figs. 4.4 and 4.5, respectively with 𝑡 = 0 corresponding to the instant of 
impact of the projectile. Contours of the ply stress ?̂?11 are included in the figures along with 
lines marked perpendicular to the longitudinal axis of the beam (in the undeformed 






Figure 4.4:  FE predictions of the deformation of a 𝑛 = 10 beam with shear strength 𝜏𝑌 = 2 MPa 
impacted at 𝑉0 = 200 ms
−1. (a) The overall deformation mode at four selected times 𝑡 after impact 
with 𝑡 = 0 corresponding to the instant of impact. (b) A zoom-in of the region immediately under the 
projectile at two selected times. Contours of the co-rotational stress ?̂?11 are included to illustrate the 
ply stresses in the fibre direction in the 0o plies. In (a) we include lines marked on the material 
perpendicular to the longitudinal axis (in the undeformed configuration) of the beam to aid 





Figure 4.5: FE predictions of the deformation of a 𝑛 = 10 beam with shear strength 𝜏𝑌 = 20 MPa 
impacted at 𝑉0 = 200 ms
−1. (a) The overall deformation mode at four selected times 𝑡 after impact 
with 𝑡 = 0 corresponding to the instant of impact. (b) A zoom-in of the region immediately under the 
projectile at two selected times. Contours of the co-rotational stress ?̂?11 are included to illustrate the 
ply stresses in the fibre direction in the 0o plies. In (a) we include lines marked on the material 
perpendicular to the longitudinal axis (in the undeformed configuration) of the beam to aid 




4.3.1 Deformation mechanisms for low shear strength beams 
We first consider the overall deformation modes as seen in Fig. 4.4a and then focus on the more 
detailed local deformation modes immediately under the projectile (Fig. 4.4b). The overall 
deformation mode as seen in Fig. 4.4a comprises an approximately triangular shaped deflected 
profile with the distance to the apex of the triangle increasing at the imposed velocity 𝑉0 and 
the base width increasing at a rate 2?̇? as shown schematically in Fig. 4.6. Lines perpendicular 
to the longitudinal axis of the beam (in the undeformed configuration) are included in Fig. 4.4a 
to better illustrate the transverse deflection mode. These lines were fixed to material points in 
order to track the movement of the beam cross-section thus reveal the transverse deflection 
mode. Visual inspection of Fig. 4.4a clearly shows that with continued transverse deflection, 
the lines do not rotate (and thus no longer remain perpendicular to the longitudinal axis), 
indicating that transverse deflection is primarily associated with longitudinal shearing of the 
beam with a negligible bending component. We thus refer to the kink that separates the 
deflected and non-deflected regions of the beam as a “shear hinge” and ?̇? as the shear hinge 
velocity. We also note that the lines marked on the beam cross-section translate in the 𝑋1 -
direction (moving towards the location of impact). This indicates that the beam undergoes 
longitudinal tensile straining in addition to longitudinal shear. 
 
To quantify these observations, deformed profiles of the beams at selected times, for two 
impact velocities 𝑉0, are included in Fig. 4.7. They show that beams deform in a self-similar 
manner in the sense that the deflected triangular profiles grow in time such that the triangles 
remain self-similar isosceles triangles with a temporally constant base angle 𝛾 defined in 
Fig. 4.6 although Fig. 4.7 indicates that 𝛾 is dependent on the impact velocity. Note that 
geometrical considerations dictate that a temporally constant 𝛾 implies that the velocity ?̇? is 
also temporally invariant (since the mid-span deflection rate is constant at 𝑉0). To quantify 
these observations, we first define an average Green-Lagrange strain ?̅?11 in the global co-








and include in Fig. 4.8a predictions of the spatial variation of ?̅?11  at 𝑡 = 20 μs  for 𝑉0 =
150 ms−1 and 350 ms−1. In general, the strains are larger for the higher impact velocity with 
the spatial distributions having a complex variation in the regime immediately under the 
impactor (i.e., |𝑋1| ≤ 𝐷/2 ). However, the strains are approximately spatially piecewise 
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constant for |𝑋1| > 𝐷/2. In Fig. 4.8b we focus on this regime away from that impact site and 
show predictions for 𝑉0 = 150 ms
−1 and 350 ms−1 at selected times 𝑡. These indicate that for 
|𝑋1| > 𝐷/2 the axial strains are well approximated by the Heaviside step function 
?̅?11(𝑋1, 𝑡) = Ξ(𝑉0)ℋ[𝐶𝐿𝑡 − 𝑋1]. (4.2) 
Here Ξ(𝑉0) is the velocity dependent strain amplitude and ℋ[x] is the Heaviside step function 
such that ℋ[x] = 0  for x < 0  and unity otherwise while 𝐶𝐿 ≡ √𝐸𝑏/𝜌  is the longitudinal 
elastic wave speed in the beam with 𝐸𝑏 = (𝐸𝑓 + 𝐸𝑚)/2 denoting the Voigt bound for the 
longitudinal elastic modulus of the [0o/90o] composite comprising equal thickness plies. Thus, 
the numerical results suggest that the extra beam length required for the transverse deflection 
of the beam is obtained by uniform axial straining of the beam behind a longitudinal elastic 
wave that emanates from the impact location and travels along the longitudinal axis of the beam 
at a speed 𝐶𝐿 ≫ ?̇?. FE predictions of the dependence of the strain amplitude Ξ and the base 𝛾 
on 𝑉0 are included in Figs. 4.9a and 4.9b, respectively. Both 𝛾 and 𝑉0 increase with increasing 
impact velocity and we shall now use these findings to motivate a simple analytical model. 
 
 
Figure 4.6: Schematic illustrations showing the deformation mode of a low shear strength beam with 
a constant imposed deflection rate 𝑉0 at mid-span. Sketches are shown at times 𝑡 and 𝑡 + 𝑑𝑡 to 
illustrate the self-similar deformation mode and the movement of the shear hinge at a rate ?̇?. The 





Figure 4.7: FE predictions of the deformed profiles of the 𝑛 = 10 low shear strength (𝜏𝑌 = 2 MPa) 
beam at selected times 𝑡 impacted at velocities (a) 𝑉0 = 150 ms
−1 and (b) 𝑉0 = 350 ms
−1.  
 
4.3.1.1  Analytical model for the shear-dominated dynamic beam deflection 
We develop an analytical model for the overall deflection mode of the beam by modifying the 
analysis of Wang (2007) for the dynamic deflection of single fibres. This model will not only 
provide simple analytical expressions for the key variables such as the base angle and shear 
hinge velocity but also help improve the understanding of the overall deformation mechanism.  
 
Consider an elastic beam with zero longitudinal shear strength and stiffness, and a longitudinal 
Young’s modulus 𝐸𝑏. This implies that transverse deflection is achieved via a combination of 
longitudinal stretching and transverse shearing with no bending. Upon projectile impact, a 
longitudinal elastic wave emanates from the impact location travelling at a speed 𝐶𝐿 in the ±𝑋1 
directions inducing a longitudinal particle velocity 𝑈 in the beam. The longitudinal stress 𝜎𝐿 is 
then given by 𝜎𝐿 = 𝜌𝐶𝐿𝑈 and the corresponding longitudinal strain is 𝜀𝐿 = 𝑈/𝐶𝐿 in the portion 
|𝑋1| ≤ 𝐶𝐿𝑡 of the beam that has been traversed by this elastic wave. The remainder of the beam 




At time 𝑡 after impact, the deflected profile of the beam is as sketched in Fig. 4.6 with the shear 
hinges located at  𝑋1 = ±𝜉 . The particle velocities in the deflected region are −𝑉0 in the 
negative 𝑋2 -direction and zero velocity in the 𝑋1 -direction, i.e., across the shear hinge the 
particle velocities switch from 𝑈  in the 𝑋1 -direction to −𝑉0  in the negative 𝑋2 -direction. 
Momentum conservation in the 𝑋2 -direction implies that 𝜎𝐿 sin 𝛾 = 𝜌𝐶𝑆𝑉0 , where 𝐶𝑆 is the 
Lagrangian speed of the shear hinge. Recalling that the deflected region of the beam is stretched 
by a strain 𝜀𝐿, and that the particle velocity prior to the arrival of the shear hinge was 𝑈 in the 
𝑋1-direction, this Lagrangian speed is related to ?̇? by,  
?̇? = 𝐶𝑆(1 + 𝜀𝐿) − 𝑈. (4.3) 
Examination of the deflected profiles at times 𝑡 and 𝑡 + 𝑑𝑡 as sketched in Fig. 4.6, indicates 
𝑉0 = 𝐶𝑆(1 + 𝜀𝐿) sin 𝛾 = (?̇? + 𝑈) sin 𝛾, (4.4) 
and ?̇? = 𝑉0/ tan 𝛾 . These equations can be simplified and combined to give an implicit 




√?̇?(2𝐶𝐿 − 3?̇?). (4.5) 
 









and the base angle of the deflected triangular profile follows as 












Figure 4. 8: Analytical and FE predictions of the dependence of the spatial distributions of the axial 
strain ?̅?11 in a beam impacted at velocities  𝑉0 = 150 ms
−1 and 350 ms−1 at (a) 𝑡 = 20 μs and (b) 
at three selected times. In (a) the distributions are shown over a large portion of the beam including 
immediately under the projectile with the upper abscissa 𝑋1/𝐷 showing the region of the beam 
compared to the diameter of the projectile, while in (b) the focus is in the region away from that 
impacted zone with results shown for a region 𝑋1 ≥ 18 mm. All results pertain to the 𝑛 = 10 low 
shear strength (𝜏𝑌 = 2 MPa) beam with time 𝑡 = 0 corresponding to the instant of impact. 
 
We identify 𝜀𝐿 with the average strain ?̅?11 and the analytical as well as FE predictions of ?̅?11 
are included in Fig. 4.8. Excellent agreement is observed away from the immediate vicinity of 
the impacted region, i.e., |𝑋1| ≥ 𝐷/2.  To give a more complete comparison between analytical 
and FE predictions we compare the strain amplitude Ξ and base angle 𝛾 predictions as a 
function of impact velocity 𝑉0; see Figs 4.9a and 4.9b, respectively. Again, excellent agreement 
is observed confirming the fidelity of this simple analytical model for predicting the overall 
dynamic deformation of the beams in the regime where the response is dominated by 
longitudinal shear. 
 
While this simple picture for the dynamic deformation mechanism of the beam provides insight 
into the overall deflection mechanism, it is unable to predict the onset of failure in the beam. 
To understand this, recall that the model predicts a temporally constant axial stretch 𝜀𝐿 such 
that either the beam completely fails at the impact location immediately upon impact or 
continues to deflect with no fibre fracture. This is contrary to the experimental observations 
discussed in Section 4.1 (also see Fig. 4.1) where failure occurs in a progressive manner with 
plies immediately in contact with the projectile failing first and the fraction of failed plies 
increasing with impact velocity. This discrepancy arises because the analytical model neglects 
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the details of the deformation mechanisms immediately under the projectile, resulting in its 
inability to accurately predict the strains immediately under the projectile; see Fig. 4.8a. 
Therefore, we proceed to use the FE calculations to examine the stress/strain states in this 
region in detail. 
 
 
Figure 4.9: Analytical and FE predictions of the dependence of the (a) strain amplitude Ξ  and (b) 
base angle 𝛾 and on impact velocity 𝑉0. All results pertain to the 𝑛 = 10 low shear strength (𝜏𝑌 =
2 MPa) beam. 
 
4.3.1.2  Deformation modes immediately under the projectile 
Expanded views of the deformation and stress-state immediately under the projectile are shown 
in Fig. 4.4b at two times after impact: (i) very early in the deformation history at 𝑡 = 0.6 μs 
when the rear face deflection of the beam is negligible; and (ii) later at 𝑡 = 20 μs when the 
beam has undergone significant deflection. Clearly, very early in the deformation history, the 
deformation and therefore stress state is non-uniform across the beam cross-section contrary to 
the assumption of the simplified analysis described above. In fact, development of the indirect 
tension mechanism is clearly seen at 𝑡 = 0.6 μs. We understand this as follows: 
(i) A compressive stress wave in the transverse direction is initiated by the impacting 
projectile. This wave travels at a speed 𝐶𝑇 ≈ √𝐸𝑚/𝜌 towards the rear surface of the 
beam. 
(ii) This compressive stress wave induces the development of alternating layers of 
compressive and tensile stresses ?̂?11 in the plies with the 0
o plies under tension and 
compression in the 90o plies. These stresses diminish in the 𝑋2 −direction away 
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from the impact site with the plies in the immediate vicinity of the impactor most 
highly stressed.   
(iii) While the average value of ?̂?11 across the thickness of the  0
o and 90o plies is 
tensile and compressive, respectively the plies also undergo local bending. As a 
consequence, the tensile stresses ?̂?11 in the individual 0
o plies are higher on their 
rear faces; see Fig. 4.4b. 
(iv) Local indentation effects cause pile-up at the edge of the contact zone; see Fig. 4.4b 
 
This stress-state at 𝑡 = 0.6 μs can be contrasted with the stress-state later in the deformation at 
𝑡 = 20 μs . At this stage, the overall deflection of the beam has become significant but the 
stresses ?̂?11 in the plies have significantly reduced. In fact, both the 0
o and 90o plies are under 
tensile stresses ?̂?11 due to the deflection of the beams much like that assumed in the analytical 
model. This suggests that later in the deformation history, the transverse forces imposed by the 
projectile are small and this relaxes the indirect tension deformation mode. Also, as a 
consequence, material no longer piles-up at the edge of the contact between the projectile and 
the beam. These results give the first indication that: (i) failure, if it occurs, is expected to 
initiate early in the deformation history; (ii) failure is by the indirect tension mechanism and 
therefore only affects plies immediately in contact with the projectile; and (iii) shear-dominated 
deflection relaxes stresses within the beam with failure not expected to occur due to the overall 
longitudinal stretching of the beam.  
 
4.3.2 Deformation mechanisms for high shear strength beams 
The deformation mechanisms discussed above are relevant for commercial UHMWPE 
composite structures with low shear strengths. Our aim here however is to understand the effect 
of material parameters, and we thus now present numerical results for the case of a beam with 
a high shear strength of 𝜏𝑌 = 20 MPa. This shear strength is sufficiently high that deflection 
of the beam is dominated by bending, and this will aid in highlighting the role of the beam 
shear strength. The overall deflection mode of the high shear strength beam at selected times 𝑡 
is illustrated in Fig. 4.5a. The lines marked perpendicular to the longitudinal axis of the beam 
in the undeformed configuration now rotate with increasing beam deflection, confirming that 
deflection occurs in a bending-dominated mode. In fact, the deflected profile is no longer 
triangular and a distinct hinge separating the deflected and the un-deflected regions of the beam 
cannot be identified. Rather dynamic deflection occurs in a more classical sense by the 
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propagation of an elastic/plastic flexural wave that emanates from the impact site (Yu et al., 
1996). Therefore a simple analytical model for the overall deflection mode can no longer be 
developed and readers are referred to Stronge (2000) for a detailed exposition of the elastic-
plastic dynamic deflection of Euler-Bernoulli beams. 
 
This change in the mode to a bending-dominated deflection has a dramatic effect on the stress-
state immediately under the projectile as seen in Fig. 4.5b where we show zoom-ins at times 
𝑡 = 0.6 μs  and 20 μs . Indirect tension is again seen to develop immediately under the 
projectile at 𝑡 = 0.6 μs, but now the highest stresses develop in plies at the rear of the beam. 
Continued deflection is achieved via beam bending, and unlike in the low shear strength case 
(Fig. 4.4), stresses no longer relax with increasing deflection. Rather, large tensile and 
compressive stresses develop on the rear and impacted faces, respectively at 𝑡 = 20 μs. The 
magnitudes of these stresses are generally higher than those early in the deformation history 
(𝑡 = 0.6 μs). In fact, the longitudinal compressive stresses at the edge of the impacted region 
are so high that they initiate wrinkling/kinking of the plies (Fig. 4.5b). Thus, now unlike in the 
low shear strength case we expect failure to initiate later in the deformation history and to occur 
by tensile stretching of the plies on the rear face. 
 
 
4.4. Failure mechanism maps 
The discussion in Section 4.3 indicates that the dynamic failure of the composites is governed 
by the local stress field in the immediate vicinity of the impacted surface rather than the overall 
deflection/stress fields. With tensile fibre fracture being the only operative failure mechanism, 
failure is initiated when the stress ?̂?11 in a 0
o ply attains a critical value Σ𝑓. We now proceed 
to first investigate the temporal and spatial evolution of ?̂?11 and then use that understanding to 
develop failure mechanism maps for the initiation of failure in [0o/90o] composite beams. 
 
The maximum value of ?̂?11 occurs either in the ply immediately in contact with the projectile 
or in the rearmost 0o ply at 𝑋1 ≈ 0 (Section 4.3). It is thus insightful to monitor the values of 
?̂?11 in the region 𝑋1 ≈ 0 as a function of time 𝑡. We denote ?̂?max
𝑓 (𝑡) as the spatially maximum 
value of ?̂?11  in the ply in contact with the projectile and ?̂?max
𝑟 (𝑡)  as the corresponding 
maximum value of ?̂?11 in the rearmost 0
o ply at time 𝑡 . The temporal evolutions of these 
maximum stresses for beams with 𝜏𝑌 = 2 MPa and 20 MPa are plotted in Figs. 4.10a and 
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4.10b, respectively for the case of impact at 𝑉0 = 200 ms
−1. So as to enable visualization of 
the details of the temporal stress evolution over a relatively long time-span, yet still reveal 
details of the early temporal evolution, we use a logarithmic time-scale in Fig. 4.10. 
 
Consider first the case of the low shear strength beam. Over the time period shown in Fig. 4.10, 
?̂?max
𝑓 > ?̂?max
𝑟 , i.e., failure, if it occurs, initiates in the ply in contact with the projectile. Now 
consider the early time history of ?̂?max
𝑓
. We define a time period 𝑇 ≡ 𝐻/𝐶𝑇 as the time required 
by a transverse elastic wave travelling at 𝐶𝑇 = √𝐸𝑚/𝜌  to traverse through the thickness of the 
beam as illustrated in Fig. 4.11.  Thus, for 𝑡 < 𝑇, the stress in the rear ply remains zero while 
the stress in the ply in contact with the projectile continues to rise due to the continued motion 
of the projectile into the beam. The elastic wave travelling through the beam thickness reflects 
from the rear free surface as a tensile wave (Fig. 4.11b), and arrives back at the impact site at 
𝑡 = 2𝑇. Therefore, until 𝑡 ≈ 2𝑇 the stress ?̂?max
𝑓
 continues to rise but upon arrival of this tensile 
unloading wave ?̂?max
𝑓
 begins to drop. Subsequently, ?̂?max
𝑓
 remains relatively constant, and thus 
failure is expected to be initiated immediately under the projectile only if ?̂?max
𝑓 ≥ Σ𝑓 at time 
𝑡 ≈ 2𝑇. 
 
Next consider the high shear strength beam (𝜏𝑌 = 20 MPa). There is now a marked difference 
in the temporal evolution of the stresses compared to the  𝜏𝑌 = 2 MPa case. Early in the time 
history, the responses are relatively similar with ?̂?max
𝑟 = 0 for 𝑡 < 𝑇. However, the high shear 
strength of the beam induces bending deflections with the consequence that ?̂?max
𝑓
 rises at a 
comparatively lower rate while ?̂?max
𝑟  increases sharply at times 𝑡 > 𝑇. In fact, around 𝑡 ≈ 2𝑇, 
the temporal histories of ?̂?max
𝑓
 and ?̂?max
𝑟  crossover with ?̂?max
𝑟  continuing to increase up to 𝑡 ≈
10 μs  while ?̂?max
𝑓
  reduces to relatively small values (and is mainly compressive). The 
consequence is that while the peak value of ?̂?max
𝑓
 was approximately 2.5 GPa in the low shear 
strength beam and was attained at time 𝑡 ≈ 2𝑇, ?̂?max
𝑓
 remains below 2 GPa in the high shear 
strength beam. By contrast, ?̂?max
𝑟  for the high strength beam rises to values well in excess of 
2.5 GPa albeit at a much later stage in the deformation. Thus, failure in the high shear strength 









in the 0o ply in contact with the projectile and at the rear of the beam, respectively. The predictions 
are for the 𝑛 = 10 beams with shear strengths (a) 𝜏𝑌 = 2 MPa and (b) 𝜏𝑌 = 20 MPa impacted at a 
velocity 𝑉0 = 200 ms
−1 . In order to enable visualization of the details of the temporal stress 
evolutions over relatively long time-spans, we use a logarithmic abscissa. We have marked times 𝑡 =
𝑇 and 𝑡 = 2𝑇 to indicate the instants at which the transverse elastic wave reaches the rear surface 
and the reflected wave reaches the impact site. 
 
The above discussion on the temporal evolution of the stresses that govern failure initiation is 
restricted to an impact velocity 𝑉0 = 200 ms
−1. These findings can be generalized for the full 
range of impact velocities by first defining ?̂?max ≡ max( ?̂?max
𝑓 , ?̂?max
𝑟 ) so that we are able to 
specify whether the initiation of failure is immediately under the projectile or at the rear surface 
of the beam. Predictions of ?̂?max as a function of time 𝑡 are included in Figs. 4.12a and 4.12b 
for beams with 𝜏𝑌 = 2 MPa and 20 MPa, respectively. The predictions are shown for a range 
of impact velocities and the dashed line is the boundary where ?̂?max
𝑓 = ?̂?max
𝑟 , i.e., on the side 
of the line marked “front ply” ?̂?max = ?̂?max
𝑓
 while in the region marked “rear ply” ?̂?max = ?̂?max
𝑟 .  
 
For the low shear strength beam, the results in Fig. 4.12a can be summarised as follows: 
(i) At low impact velocities, ?̂?max transitions from being located immediately under 
the projectile early in the impact, to the rear of the beam later in the deformation 
history. By contrast, ?̂?max is always located immediately under the projectile at 
higher impact velocities. 
(ii) However, even at low impact velocities, max[?̂?max(𝑡) ] over all 𝑡 is always attained 
early in the deformation history. Consequently, failure, if it occurs, is expected to 
initiate immediately under the projectile early in the deformation history. 
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By contrast, in the high shear strength beams, ?̂?max = ?̂?max
𝑓
 for 𝑡 ≈< 2𝑇 with ?̂?max = ?̂?max
𝑟  
later in the deformation history for all impact velocities. Moreover, for any given impact 
velocity, the maximum value of ?̂?max over the entire deformation history is always attained late 
in the deformation history when ?̂?max = ?̂?max
𝑟  and thus failure, if it occurs, initiates on the rear 
face of the beam. 
 
 
Figure 4.11: Sketch of the propagation of the transverse elastic wave initiated by the impact of the 
projectile. (a) The compressive wave prior to it reaching the rear surface and (b) the wave after it 
reflects as a tensile wave from the free rear surface. 
 
4.4.1 Failure modes and construction of failure mechanism maps 
The above discussion of the temporal and spatial distributions of ply stresses in the fibre 
direction suggests that failure initiates in the impacted beams via one of the two modes: 
Mode I: Failure by indirect tension as sketched in Fig. 4.3a where the compressive loading 
imposed by the projectile generates tensile loading in the fibre direction in the plies 
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immediately under the impact site. Fibre fracture occurs when these tensile stresses exceed a 
critical value Σ𝑓. 
Mode II: Failure of the rear ply by tensile fibre straining due to bending as sketched in Fig. 
4.3c. Again, fibre fracture occurs when this tensile stress exceeds a critical value Σ𝑓. 
 
 
Figure 4.12: FE predictions of the temporal evolution of the maximum ply stresses ?̂?max ≡
max( ?̂?max
𝑓 , ?̂?max
𝑟 ) in the 0o plies. The predictions are for the 𝑛 = 10 beams with shear strengths (a) 
𝜏𝑌 = 2 MPa and (b) 𝜏𝑌 = 20 MPa at selected impact velocities 𝑉0. In order to enable visualization of 
the details of the temporal stress evolutions over relatively long time-spans we use a logarithmic 
abscissa. A line marking the boundary where ?̂?max
𝑓 = ?̂?max
𝑟  is marked in each case with ?̂?max = ?̂?max
𝑓
 
in the region marked “front ply” and ?̂?max = ?̂?max
𝑟  in the region marked “rear ply”. 
 
Failure mechanism maps for the initiation of failure in the impacted UHMWPE composite 
beams can be constructed to illustrate the competition between these two failure modes and the 
region where the beam continues to deform with no fibre fracture. We choose to construct maps 
with axes of impact velocity 𝑉0 and shear strength 𝜏𝑌 to best illustrate the interplay between 
impact velocity and shear strength (as is alluded to in the discussion above). The failure 
mechanism maps are constructed as follows. We first choose the material dependent tensile 
failure strength Σ𝑓 and then examine the temporal variations of ?̂?max as shown in Fig. 4.12. For 
a given choice of (𝜏𝑌, 𝑉0) we locate the time at which ?̂?max first attains the value Σ𝑓 and this 
presents three possibilities: 
(i) No failure: ?̂?max always remains below Σ𝑓 and this implies continued deformation 
of the beam with no fibre fracture/failure. 
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(ii) Mode I failure: ?̂?max first attains the critical value Σ𝑓 in the front ply so failure 
initiation is by the indirect tension mechanism. 
(iii) Mode II failure: ?̂?max first attains the critical value Σ𝑓 in the rear ply so failure 
initiation is by tensile straining of the rear ply of the beam due to the bending 
deformation of the beam. 
A failure mechanism map showing these three regimes with axis ranges 0 ≤ 𝑉0 ≤ 400 ms
−1 
and 1 MPa ≤ 𝜏𝑌 ≤ 20 MPa is shown in Fig. 4.13 for the choice Σ𝑓 = 2.5 GPa. Based on this 
map we subdivide mode I failure into “dominated” and “non-dominated” regimes. The non-
dominated regime is defined as the regime where reducing the impact velocity for a given shear 
strength results in a transition, at a velocity 𝑉𝑐(𝜏𝑌), into a regime where no failure occurs.  This 
transition 𝑉𝑐(𝜏𝑌) is marked by a solid line in Fig. 4.13. We observe from Fig. 4.13 that mode II 
failure is always non-dominated. However, mode I failure is non-dominated at low shear 
strengths but dominated at high shear strengths in the sense that reducing the impact velocity 
for a given shear strength results in a transition into mode II failure at a velocity 𝑉𝐼(𝜏𝑌). This 
boundary marking 𝑉𝐼(𝜏𝑌) is shown as a dashed line in Fig. 4.13. 
 
Of immediate practical interest is the dependency of the critical impact velocity 𝑉𝑐 , below 
which fibre fracture is not expected, on the beam shear strength 𝜏𝑌. This critical velocity first 
increases with 𝜏𝑌 but then dramatically reduces as the non-dominated failure regime switches 
from mode I to mode II. We label the shear strength at which this transition occurs as an 
optimum shear strength 𝜏OPT as the critical impact velocity 𝑉𝑐 is maximised at this value of 𝜏𝑌 





Figure 4.13: Failure mechanism map with axes of shear strength 𝜏𝑌 and impact velocity 𝑉0 for a 
𝑛 = 10 beam with ply tensile strength Σ𝑓 = 2.5 GPa. The “dominated” mode I failure zone is 
shown hatched. The boundary of the critical velocity 𝑉𝑐 between a regime of failure and no failure 
is marked by a solid line while the boundary 𝑉𝐼 between failure regimes I and II shown via a dashed 
line. The optimum shear strength is indicated as 𝜏OPT. 
 
The failure map in Fig. 4.13 enables a number of predictions to be made that are consistent 
with experimental observations, but that to-date, had eluded a mechanistic understanding: 
(i) For a given strength Σ𝑓, the critical velocity to induce failure in the impacted beam 
is higher in lower shear strength beams. Such observations have been extensively 
reported (De Ruijter et al., 2010; Yu et al., 2017) including a detailed study by 
Karthikeyan et al. (2013) on the effect of shear strength on the ballistic performance. 
The numerical simulations reported here show that the switch in the failure 
mechanism from the mode I indirect tension failure to mode II tensile straining (due 
to increased bending deformations with increasing shear strength) results in a 
decrease in ballistic performance with increasing shear strength. 
(ii) Failure in low shear strength UHMWPE composite structures is mostly restricted 
to the plies immediately under the impact site (Attwood et al., 2016). The map in 
Fig. 4.13 clearly shows failure initiation at low shear strength is dominated by the 





4.4.2 Parametric studies: effect of ply strength and beam thickness 
A failure mechanism map is included in Fig. 4.14a for ply strength values in the range 
1.5 GPa ≤ Σ𝑓 ≤ 3.0 GPa . Unsurprisingly, the no failure regime expands with increasing Σ𝑓 
with the velocities required to initiate both mode I and mode II failures increasing with 
increasing Σ𝑓 for any given 𝜏𝑌. More interestingly, 𝜏OPT also increases with increasing Σ𝑓. This 
predicted dependency of 𝜏OPT on Σ𝑓 is shown in Fig. 4.14b with 𝜏OPT increasing to nearly 20 
MPa for a ply tensile strength of Σ𝑓 = 4 GPa. The importance of this finding lies in helping 




Figure 4.14: (a) Failure mechanism map with axes of shear strength 𝜏𝑌 and impact velocity 𝑉0 for 
𝑛 = 10 beams with the ply strengths in the range 1.5 GPa ≤ Σ𝑓 ≤ 3.0 GPa. (b) The dependence of 
the optimal shear strength 𝜏OPT on the ply strength Σ𝑓 for the 𝑛 = 10 beams. 
 
Experimental observations (De Ruijter et al., 2010; Yu et al., 2017; Karthikeyan et al., 2013),  
now also supported by numerical results presented here, indicate that lowering the shear 
strength enhances ballistic resistance. However, such low strength materials (e.g., the HB26 or 
HB50 ballistic-grade Dyneema® composites have shear strengths of 2 MPa and 0.5 MPa, 
respectively) possess little structural load carrying capacity. Thus, such composites are used 
“parasitically” for just their ballistic protection capability. By contrast, high shear strength 
composites that have excellent structural properties (e.g., CFRPs) have a low ballistic 
protection capability as discussed in Section 4.1. Composites that serve a dual ballistic and 
structural load carrying role, i.e., “structural armours” would inevitably help in reducing the 
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overall system weight but inventing such composites has proven elusive. The results in 
Fig. 4.14b suggest that increasing the tensile ply strength will not only enhance the impact 
velocities to initiate failure (i.e., enhance their ballistic protection capability) but also allow 
these excellent ballistic protection properties to be attained at high shear strength. In fact, the 
predictions of Fig. 4.14b suggest that an optimal ballistic performance will be attained at a 
shear strength of 20 MPa if the ply tensile strength is increased to Σ𝑓 = 4 GPa. This shear 
strength is comparable to most CFRPs and would endow the UHMWPE composite with 
acceptable structural load carrying capability. Of course, a ply strength of Σ𝑓 = 4 GPa is higher 
than most current commercial grades of Dyneema® but continued advances in enhancing 
tensile strength of UHMPE fibres (for example the experimental, non-commercial grade X131 
and X-DARPA fibres developed by DSM and characterised in Cain et al. (2018)) makes this a 
very achievable goal.  
 
Figure 4.15: FE predictions of the temporal evolution of the maximum ply stresses ?̂?max ≡
max( ?̂?max
𝑓 , ?̂?max
𝑟 ) in the 0o plies in the 𝑛 = 10 and 𝑛 = 20 beams impacted at 𝑉0 = 200 ms
−1. 
Predictions are shown for the beams with shear strengths (a) 𝜏𝑌 = 2 MPa and (b) 𝜏𝑌 = 20 MPa. In 
order to enable visualization of the details of the temporal stress evolutions over relatively long 
time-spans we use a logarithmic abscissa.  
 
All results presented so far are for a composite with 20 plies (i.e., 𝑛 = 10). The effect of the 
overall beam thickness on the failure mechanism map is now examined by increasing the beam 
to comprise 40 plies (i.e., 𝑛 = 20) but keeping the projectile diameter and ply thickness fixed 
at the reference values. A comparison between the temporal evolutions of ?̂?max for the 𝑛 = 10 
and 20 beams impacted at 𝑉0 = 200 ms
−1 is shown in Figs. 4.15a and 4.15b for shear strengths 
𝜏𝑌 = 2 MPa and 20 MPa, respectively. For both the 𝑛 = 10 and 20 cases, ?̂?max is set by the 
tensile stresses immediately under the projectile generated by the indirect tension mechanism 
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in the low shear strength (𝜏𝑌 = 2 MPa) beams while in the high shear strength (𝜏𝑌 = 20 MPa) 
beams, tensile straining on the rear face due to beam bending governs ?̂?max. The differences in 
?̂?max between the 𝑛 = 10 and 20 beams are negligible in the high shear strength beams but in 
the low shear strength case, the peak value of ?̂?max is significantly higher in the 𝑛 = 20 beam. 
To understand this difference recall that the tensile stresses due to indirect tension continue to 
build-up under the projectile until the elastic wave reflected from the rear face arrives at the 
impact site at time 𝑡 ≈ 2𝑇 = 2𝐻/𝐶𝑇 ; see Section 4.4. Increasing the beam thickness 𝐻 
increases 𝑇 hence ?̂?max can continue to build-up via indirect tension to higher values as seen 
in Fig. 4.15a. The effect of these changes in the stress evolutions within the beams on the failure 
mechanism map is summarised in Fig. 4.16 where we show the boundaries between the three 
regimes for both the 𝑛 = 10  and 20 beams for a ply strength Σ𝑓 = 2.5 GPa.  The beam 
thickness has only a small effect on the boundary between mode II failure and no failure. 
However, as discussed above, beam thickness has a more significant effect on mode I failure 
and lowers the velocity (for any given value of 𝜏𝑌) at which we transition from either no failure 
to mode I failure or from mode II to mode I failure.  
 
 
Figure 4.16: Failure mechanism maps with axes of shear strength 𝜏𝑌 and impact velocity 𝑉0 for the 






4.5. Concluding remarks 
Failure mechanism maps have been developed to illustrate the mechanisms by which failure 
can initiate in [0o/90o]𝑛  ultra-high polyethylene (UHMWPE) fibre composite beams 
impacted by a rigid, cylindrical projectile. All the 0o/90o plies in the beams are explicitly 
modelled using a pressure-dependent crystal plasticity framework that accurately accounts for 
large shear deformations as well as fibre rotations. 
 
Two distinct failure modes have been uncovered: (i) mode I failure immediately under the 
projectile where compressive loading imposed by the projectile induces tensile fibre strains 
due to the anisotropic expansion of the alternating 0o/90o plies (i.e., the indirect tension 
mechanism) and (ii) mode II failure due to tensile fibre straining at the rear of the beam 
resulting from beam bending. Mode I failure dominates at low shear strengths while mode II 
is the dominant mechanism at higher shear strengths. Most commercial UHMWPE fibre 
composites have relatively low shear strengths, and consistent with the experimental 
observations, these calculations suggest that failure in these beams will occur in a progressive 
manner, i.e., the number of failed plies will progressively increase with impact velocity. 
Moreover, the calculations also show that the maximum tensile fibre stresses are lower in the 
low shear strength beams and thus consistent with experimental observations higher impact 
velocities are required to initiate failure in low shear strength beams.  In fact, the calculations 
predict the existence of an optimal shear strength that maximises the impact velocity for failure 
initiation at a given tensile strength of the fibres. 
 
The conundrum that increasing the ballistic resistance requires a low shear strength, and 
therefore a reduction in the structural strength of composites, is well-known amongst 
composite material designers. The calculations presented here provide a mechanistic 
rationalisation for this dilemma. However, the calculations also show that the shear strength 
required to attain optimal impact performance increases with increasing tensile strength of the 
plies/fibres. In fact, we show that a shear strength of about 20 MPa will be optimal for a 
composite with ply tensile strength of about 4 GPa −such a composite is expected to have 
acceptable levels of structural performance and excellent ballistic properties. The calculations 
presented here thus suggest that enhancing tensile fibre strengths, and thereby the tensile 
strengths of the composite, would be a significant step toward the design of “structural 
armours”. We emphasize that this investigation was restricted to the initiation of failure in the 
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UHMWPE fibre composite beams- further work on extending this methodology to include the 
evolution of damage is essential to predict the penetration velocity and modes and thereby 
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5. High strain rate compressive response of ultra-high molecular 
weight polyethylene fibre composites 
 
Synopsis 
The dynamic in-plane compressive response of [0o/90o]𝑛  ultra-high molecular weight 
polyethylene (UHMWPE) fibre composites has been investigated for strain rates in the range 
0.01 s−1 to 4000 s−1. The measured strain rate sensitivity is mild for strain rates less than 
about 100 s−1 but increases sharply at higher rates. X-ray tomography and optical micrographs 
reveal that over the whole range of strain rates investigated here, the deformation mechanism 
is kinking (micro-buckling) of the plies with a kink width of about 1 mm. Ply delamination is 
also observed although this is mainly prevalent after the peak strength is attained and occurs 
during the subsequent softening phase of the response. In order to gain a mechanistic 
understanding of the measured strain rate sensitivity, we performed finite element (FE) 
calculations of the compression experiments. In these calculations, each ply of the specimen is 
explicitly modelled using a pressure-dependent crystal plasticity framework that accurately 
accounts for the large shear strains and fibre rotations that occur within the kink band in each 
ply. Two limits are considered with perfectly-bonded plies and completely un-bonded plies. 
Good agreement between measurements and predictions is obtained when plies are assumed to 
be perfectly bonded confirming that ply delamination plays a small role in setting the strength 
at least at moderate strain levels. However, the calculations illustrate that misalignment of the 
specimen between the compression platens has a strong influence on response and especially 
the initial stiffness. Importantly, the FE calculations demonstrate that over the range of strain 
rates investigated here, inertial stabilisation plays a minor role with the strong rate sensitivity 





In Chapter 4, we have shown that the ballistic impact loading of [0o/90o]𝑛  ultra-high 
molecular weight polyethylene (UHMWPE) fibre composite structures involves complex 
multi-axial states of stress including large in-plane compressive stress along the fibre direction. 
However as detailed in Chapter 2, few studies have investigated the in-plane compressive 
response of the UHMWPE composites. One exception is Attwood et al. (2015) who explored 
the quasi-static in-plane compressive response of UHMWPE composites (the HB26 grade of 
Dyneema®) using notched specimens as sketched in Fig. 5.1a. Their results suggest that 
compressive deformation occurs by the formation of a ply level kink band involving first 
rotation of plies followed by band broadening that is induced by the lock-up of the ply rotation; 
see Fig. 5.1b. This deformation mode is analogous to the compressive deformation of 
unidirectional (UD) carbon fibre reinforced polymer (CFRP) composites, albeit the kinking in 
CFRP composites occurs at the fibre level while in the [0o/90o]𝑛 HB26 Dyneema
® composite 
the kinks form at the ply level. 
 
With ballistic and blast protection being the primary applications of UHMWPE composites, 
their dynamic properties are of significant interest. However, remarkably few studies have 
reported direct measurements of dynamic material properties. Early works (Govaert and 
Lemstra, 1992; Kromm et al., 2003; Peijs et al., 1994) investigated the tensile fibre responses 
for strain rates ranging from the creep regime of 10−7 s−1 to quasi-static rates of 10−1 s−1. 
More recently, Russell et al. (2013) reported that the tensile fibre strengths display minimal 
rate sensitivity for strain rates from 10−1 s−1 up to 103 s−1 and this has been confirmed by 
subsequent investigations (Sanborn et al., 2015). Data on the dynamic material properties of 
the composites are even more sparse. Drop weight (Walley et al., 2009) and split Hopkinson 
pressure bar (SHPB) tests (Shaker et al., 2017; Zhu et al., 2017) have been performed to 
examine the out-of-plane compressive response of [0o/90o]𝑛 UHMWPE fibre composites for 
strain rates up to 3000 s−1. Mild rate sensitivity is observed and this is in-line with dynamic 
data reported by Rodríguez et al. (1996) and Benloulo et al. (1997) for the tensile response of 
the composites in the fibre direction. 
 
By contrast, the static and dynamic material properties of CFRP composites have been 
extensively investigated via theoretical models that are supported by experimental 
measurements. Specifically, plastic micro-buckling of CFRP composites has received 
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significant attention and readers are referred to Fleck (1997) for a comprehensive review. In 
CFRP composites, plastic micro-buckling is associated with a load drop and early 
investigations revealed that the peak strength is set by the initial fibre waviness and the matrix 
shear strength (Budiansky and Fleck, 1993). Typically, compressive deformation occurs by 
rotation of fibres within a kink band and Vogler and Kyriakides (1997) demonstrated that the 
composite can maintain significant post-buckling strength after fibre rotation with the kink 
band is inhibited and deformation progresses by broadening of the band. Fibre-matrix splitting 
also plays a role in this process as reported in the experiments of Gutkin et al. (2010) and 
supported by analytical (Skovsgaard and Jensen, 2018) and numerical (Prabhakar and Waas, 
2013) models.  
  
 
Figure 5.1: Summary of the findings of Attwood et al. (2015) for the quasi-static compression of the 
HB26 Dyneema® fibre composite. (a) Sketch of the notched compression specimen and (b) 
photographs, with the camera view indicated in (a), showing fibre rotation within a kink band and 
the subsequent broadening of the band with increasing remote compressive displacement 𝑢. 
 
There also exists an extensive literature on the out-of-plane (Collings, 1974; Henriksson, 1990) 
compressive response of CFRP composites including studies on the effect of loading rate. 
Typically, the strain rate sensitivity for out-of-plane compressive loading is relatively low with 
the response governed by the tensile fibre properties as dictated by the indirect tension 
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mechanism; see Yu et al. (2018). However, the dynamic in-plane response is again set by plastic 
micro-buckling and hence displays a strong strain rate sensitivity (Hsiao et al., 1998) due to a 
combination of the rate sensitivity of the matrix and inertial stabilisation of micro-buckling. 
Slaughter et al. (1996) as well as Fan and Slaughter (1997) extended the couple stress micro-
buckling model of Fleck et al. (1995) to the dynamic setting and predicted the overall strain 
rate sensitivity of the in-plane response of UD composites. While these studies did not report 
direct comparisons with experimental measurements, Tsai and Sun (2004), employing a 
viscoplastic model for the matrix made direct comparisons with measurements. Such studies 
have aided an understanding of the effect of inertia and matrix rate sensitivity in setting the 
overall strain rate sensitivity of CFRP composites. However, no equivalent understanding 
exists for UHMWPE fibre composites. 
 
In the current study, we report a combined experimental and numerical study of the static and 
dynamic in-plane compressive response of UHMWPE fibre composites. The aim is to 
understand the strain rate sensitivity of these materials and the relative influence of inertia and 
matrix rate effects. 
 
 
5.2. Experimental protocol 
The aim of the experimental study is to contrast the in-plane quasi-static and dynamic 
compressive response of cross-ply UHMWPE composites by (i) measuring the rate sensitivity 
of the response and (ii) uncovering the deformation modes as a function of the imposed strain 
rate. We first give a description of the UHMWPE composite investigated in the study, followed 
by a description of the measurement protocol. 
 
5.2.1 Materials 
The HB26 grade of the Dyneema® UHMWPE fibre composite supplied by DSM was used in 
this study. The cross-ply [0o/90o]𝑛  composite comprised approximately 83% by volume 
SK76 UHMWPE fibres in a polyurethane matrix with a ply thickness ℎ = 60 μm ; see the 
sketch in Fig. 5.2a along with the global co-ordinate system 𝑋𝑖  such that the 𝑋1  and 𝑋2 
directions lie along the 0o/90o fibre directions, respectively while 𝑋3 is perpendicular to the 
plane of the plies. Details of the manufacturing method and microstructure are given in 
Attwood et al. (2014). An optical micrograph of a cross-section of the HB26 composite is 
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shown in Fig. 5.2b.  Russell et al. (2013) have reported that bright field microscopy (and SEM 
observations) of the as-polished surface of Dyneema® composites is misleading due to the 
presence of a very thin (of thickness on the order of a few microns) layer of smeared matrix 
and fibres. To obviate this problem, the image in Fig. 5.2b is taken using dark field microscopy. 
 
5.2.2 Compression measurements 
The compressive response of the Dyneema® composites was measured using cuboidal 
specimens of size 𝑊 ×𝐻 × 𝐵 = 6 mm × 4 mm × 9 mm  as shown in Fig. 5.3a with 
compression conducted in the 𝑋1-direction. The specimens were cut from the as-manufactured 
HB26 composite plates using a medium-fine blade band-saw and comprised 𝑛 = 100 plies 
along the side of length 𝑊 . The compressive response is reported in terms of the applied 
nominal stress 𝜎𝑛 ≡ 𝐹/(𝐵𝑊), where 𝐹 is the applied compressive force in the 𝑋1-direction, as 
a function of the nominal strain 𝜀𝑛 ≡ 𝛿/𝐻 , where 𝛿  is the work-conjugate compressive 
displacement to the force 𝐹. The details of the measurement of 𝐹 and 𝛿 are explained in the 
context of the low and high strain rate measurements discussed subsequently. 
 
5.2.2.1 Low and intermediate strain rate tests 
Low strain rate tests with strain rates in the range 0.01 s−1 ≤ 𝜀?̇? ≤ 0.1 s
−1 were conducted in 
a screw-driven test machine while intermediate rate tests with strain rates in the range  
0.1 s−1 ≤ 𝜀?̇? ≤ 10 s
−1 required platen speeds up to 0.05 ms−1. These intermediate rate tests 
were thus conducted in a hydraulic test machine. In both cases, the load cell of the test machine 
was used to measure the applied compressive force 𝐹 while the displacement 𝛿 was inferred 
using a laser extensometer to measure the relative displacement of the compression platens of 
the test machine (Fig. 5.3a). 
 
5.2.2.2 High strain rate split Hopkinson bar tests 
A split Hopkinson pressure bar (SHPB) setup was used to measure the compressive response 
for strain rates in the range 500 s−1 ≤ 𝜀?̇? ≤ 4000 s
−1. A sketch of the setup is shown in Fig. 
5.3b and was operated as follows. A striker bar was accelerated along a gun barrel by pressured 
nitrogen gas (0.05 - 0.1MPa). The striker bar velocity ( 4 ms−1 − 16 ms−1) was measured 
using two light sensors at a spacing of 50 mm. Impact of the striker bar against the end of the 
input bar caused an elastic compression wave (incident wave) to propagate along the input bar. 
The resulting displacement of the input bar compressed the composite specimen sandwiched 
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between the input bar and an output bar. A fraction of the compression wave was transmitted 
through the specimen and into the output bar, whilst the remainder was reflected back along 
the input bar as a tensile wave. Strain gauges mounted mid-way along the input and output bars 
measured the bar strain as the incident, reflected and transmitted waves pass. These strain 
gauge readings were used to determine the stress versus strain response of the specimen.  
 
 
Figure 5.2: (a) Sketch of the [0o/90o]𝑛 composite comprising alternating plies of thickness ℎ with 
0o and 90o fibres. The global co-ordinate system 𝑋𝑖 with the 𝑋1 and 𝑋2 directions aligned with the 
fibres in the alternating plies is shown along with a sketch of a single UD ply with the local co-
ordinate system 𝑥𝑖. Here 𝑥1 is along the fibre direction while 𝑥3 is perpendicular to the plane of the 
ply. (b) Dark-field optical micrograph showing a section of the 𝑋1 − 𝑋3 plane through the HB26 
Dyneema® composite.  
 
The striker bar (of length 0.4 m), input bar (of length 1 m) and output bar (of length 1 m) were 
each made from 𝑑 = 12.7 mm diameter AZM magnesium alloy rods. Magnesium alloy was 
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chosen to maximise the axial strain in the bars, as magnesium alloys have one of the lowest 
Young’s modulus (44 GPa) of all metallic alloys readily available in rod form. Metallic 
pressure bars are preferable to polymeric pressure bars as they avoid the complications of 
dispersion and attenuation of the stress wave as it propagates along the bar (Bacon, 1999). The 
velocity of the striker was limited to ensure that the magnesium alloy did not yield during the 
impact between the striker and the input bar. Although the yield strength of the magnesium 
alloy (80 MPa) theoretically limits the striker impact velocity to 20 ms−1, in practice a safety 
margin is allowed for, and the striker was not fired at velocities in excess of 16 ms−1. Striker 
velocities of below 4 ms−1 could not be reliably produced due to barrel friction and this placed 
a lower limit on the strain rates that can be investigated in these tests. 
 
The axial strains in the input bar and output bars were measured by two semi-conductor strain 
gauges (AFP-500-090 supplied by Kulite Sensors, Basingstoke, UK) bonded diametrically 
opposite to each other, and mid-way along the length of each bar. Semi-conductor strain gauges 
were preferred to conventional foil gauges as they are more sensitive: the AFP-500-090 gauges 
have gauge factors of 140, whereas foil gauges have gauges factors of about 2. The gauges 
were bonded onto the bars using a two-part room temperature cure adhesive AE10 (Micro-
measurements, Basingstoke). The two AFP-500-090 gauges were connected in series with a 
2200 Ω resistor. The axial strain was detected by measuring the change in the voltage across 
the series resistor. A Tektronix TDS420A oscilloscope measured and recorded the voltage 





Figure 5.3: (a) Sketch of the specimen along with the co-ordinate system 𝑋𝑖. The compressive 
response is measured for compression in the 𝑋1 direction. The specimen comprised 𝑛 = 100 plies. 
(b) A schematic drawing of the split Hopkinson pressure bar experimental setup. 
 











where 𝑐𝑚 = 4944 ms
−1 is the measured elastic wave speed in the Mg bar, 𝜀𝑖(𝑡) and 𝜀𝑟(𝑡) are 
the axial strains in the input bar associated with the incident wave and reflected wave while 
𝜀𝑡(𝑡) is the engineering axial strain in the output bar associated with the transmitted wave. Here 
time 𝑡 = 0 corresponds to the instant that that incident wave impinges upon the specimen and 
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the signals 𝜀𝑖 ,  𝜀𝑟  and 𝜀𝑡  are shifted in Eq. (5.1) to this reference. The forces 𝐹𝑖(𝑡) on the 
impacted (i.e. specimen face in contact with the incident bar) and the force 𝐹𝑡(𝑡)  on the 










respectively. The measurements revealed that the specimens attained axial equilibrium with 
𝐹𝑖 ≈ 𝐹𝑡 for times 𝑡 > 2 μs corresponding to approximately 5 elastic wave reflections over the 
specimen height 𝐻. The maximum strain rate investigated here is 𝜀?̇? = 4000 s
−1 and thus the 
specimen was in equilibrium at nominal strains in excess of 0.8 %. Thus, for all practical 
purposes it is reasonable to assume axial equilibrium throughout the test and we report the 


















𝜀𝑟 . (5.6) 
Since 𝜀𝑡 ≪ 𝜀𝑖 (i.e., the transmitted pressure pulse is small compared to the incident wave due 
to the low strength of the Dyneema® composite), we have 𝜀𝑟 ≈ −𝜀𝑖. However, recall that the 
incident pulse due to the impact of the striker is approximately is square wave and thus the 
applied strain rate is approximately constant over the test duration. Nevertheless, while 










5.3. Experimental results 
We proceed to discuss the measurements of the compressive 𝜎𝑛  versus 𝜀𝑛  response and 




Figure 5.4: (a) The measured compressive stress 𝜎𝑛 versus strain 𝜀𝑛 response at an imposed quasi-
static strain rate 𝜀?̇? = 0.01 s
−1. The corresponding perfectly bonded (PB) and un-bonded (UB) FE 
predictions for specimen misalignments 𝜔 = 0o  and 𝜔 = 0.7o  are also included. (b) X-ray 
computed tomography images of the quasi-statically tested specimen at three levels of compression 
𝜀𝑛. The images show the 𝑋1 − 𝑋3 midplane of the specimen. 
 
5.3.1 Quasi-static compression 
The measured 𝜎𝑛  versus 𝜀𝑛  response at an imposed nominal strain rate 𝜀?̇? = 0.01 s
−1  is 
included in Fig. 5.4a. After an initially linear response a peak compressive strength is attained 
at 𝜎𝑐 ≈ 16 MPa followed by softening. To better understand the deformation mode, we include 
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in Fig. 5.4b X-ray computed tomography (XCT) micrographs of the specimen at three levels 
of applied strain 𝜀𝑛. These images showing the 𝑋1 − 𝑋3 midplane of the specimen were taken 
by interrupting the compression tests at these selected strain levels. The peak compressive 
strength is attained at 𝜀𝑛 ≈ 0.6 %: at this strain level there are no clear signs of localised ply 
level deformation within the specimen although overall deformation of the specimen is 
observed resulting in it assuming an hourglass shape. Beyond the peak strength at 𝜀𝑛 = 2 % 
the hourglass shape of the specimen is accentuated but now the formation of a ply-level kink 
band near the top edge of the specimen is observed. This kind band is seen to propagate and 
broaden for an imposed strain 𝜀𝑛 = 5 % and this is accompanied by extensive ply delamination.  
 
The peak strength and deformation mode comprising ply level kink band formation and 
propagation are largely consistent with detailed quasi-static observations reported by Attwood 
et al. (2015). However, there is one crucial discrepancy. Attwood et al. (2015) as well as the 
quasi-static tension study by Russell et al. (2013) both have reported a Young’s modulus of the 
HB26 Dyneema® composite that is largely consistent with a simple rule of mixtures estimate. 
This is calculated as follows. The Young’s moduli of the SK76 fibres and matrix are ℇ𝑓 =
100 GPa and ℇ𝑚 = 10 GPa, respectively while the fibre volume fraction 𝑉𝑓 = 0.83. Then the 
Young’s modulus of the 0o plies in the fibre direction is given by a Voigt bound as 𝐸0 = 𝑉𝑓ℇ𝑓 +
(1 − 𝑉𝑓)ℇ𝑚 = 80 GPa and assuming the transverse fibre modulus is equal to that of the matrix, 
the Young’s modulus of the 90o plies in the same direction is 𝐸90 = 𝐸𝑚. The Young’s modulus 
(in the 𝑋1  direction) of the composite comprising equal thickness 0
o  and 90o  plies then 
follows as 𝐸𝑐 = (𝐸90 + 𝐸0)/2 = 45 GPa . This estimate is significantly higher than the 
modulus we infer from the initial linear regime of the 𝜎𝑛 versus 𝜀𝑛 response in Fig. 5.4a. We 






Figure 5.5: (a) The measured compressive stress 𝜎𝑛 versus compressive strain 𝜀𝑛 responses for 
imposed strain rates in the range 8 s−1 < 𝜀?̇? < 4000 s
−1. The quasi-static measurement from Fig. 
5.4a is also included for comparison purposes. (b) A summary of the measured peak compressive 
strength 𝜎𝑐 as a function of the imposed strain rate 𝜀?̇? . The corresponding FE predictions for a 
specimen misalignment 𝜔 = 0.7o for the perfectly bonded (PB) and un-bonded (UB) cases are 
included along with the PB analytical and FE predictions of the aligned specimen with 𝜔 = 0o. 
 
5.3.2 Intermediate and high strain rate compression 
The measured compressive responses for strain rates in the range 8 s−1 < 𝜀?̇? < 4000 s
−1 are 
plotted in Fig. 5.5a with the quasi-static measurement from Fig. 5.4a also included for 
comparison purposes. The initial linear regime is largely unaffected by the imposed strain rate 
but clearly the peak strength 𝜎𝑐 and the strain at which this strength is attained both increase 
with increasing 𝜀?̇?. Moreover, this increase in 𝜎𝑐 is relatively mild for the strain rates in the 
range 0.01 s−1 < 𝜀?̇? < 10 s
−1 but clearly there is a strong strain rate dependency at the higher 
strain rates 𝜀?̇? > 700 s
−1 . To better quantify this effect, we include in Fig. 5.5b the 
measurements of the peak compressive strength 𝜎𝑐 as a function of 𝜀?̇? over the whole range of 
strain rates investigated here with the abscissa of Fig. 5.5b using a logarithmic scale. Here the 
inference drawn from Fig. 5.5a is confirmed with 𝜎𝑐 showing a mild strain rate dependency at 
low and intermediate strain rates but with the peak compressive strength increasing sharply 





Figure 5.6: X-ray computed tomography images of the specimen after compression to 𝜀𝑛 ≈ 25 % at 
strain rates (a)  𝜀?̇? = 0.01 s
−1 , (b)  𝜀?̇? = 8.6 s
−1 , (c)  𝜀?̇? = 790 s
−1 and (d)  𝜀?̇? = 3980 s
−1 . The 
images show the 𝑋1 − 𝑋3 midplane of the specimen. 
 
To better understand the deformation modes over the range of strain rates investigated here we 
again attempted to visualise the specimen deformations using XCT micrographs similar to 
those for the quasi-static case in Fig. 5.4b. Interrupting specimen compression in an SHPB test 
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requires encasing the specimen in a steel jacket that arrests the displacement imposed by the 
input bar and prevents continued deformation of the specimen after the jacket has contacted 
the bar. However, this generates large stresses within the Magnesium (Mg) bars and results in 
either the fracture or yield of the bars. Thus, we did not arrest compression early in the SHPB 
tests but rather only visualised deformation after full compression at strains 𝜀𝑛 ≈ 25 %. XCT 
micrographs of the 𝑋1 − 𝑋3  midplane of the specimens deformed to 𝜀𝑛 ≈ 25 %  at four 
selected strain rates in the range 0.01 s−1 < 𝜀?̇? < 4000 s
−1 are included in Fig. 5.6. While 
kink bands are observed in all cases, some crucial differences emerge with increasing strain 
rate. In particular, the level of delamination decreases with increasing strain rate and this seems 
to be associated with specimens deforming in a more symmetric manner that is associated with 
the formation of symmetric kind bands and a consequent reduction in the hourglass shape of 
the deformed specimen. In fact, at high strain rates the kink bands seem to be co-incident with 






Figure 5.7: Magnified views of the kink-band within the specimen compressed at a strain rate 
 𝜀?̇? = 3980 s
−1  to a strain 𝜀𝑛 ≈ 25 % . (a) X-ray computed tomography image of the 𝑋1 − 𝑋3 
midplane of the specimen. (b) Dark-field optical micrograph of the area highlighted in Fig. 5.7a and 
(c) a higher magnification optical micrograph of the area highlighted in Fig. 5.7b. 
 
The structure of the kink band under quasi-static compression has been reported by Attwood 
et al. (2015); see Fig. 5.1b. To better visualise the details of the kink bands that develop under 
high rate compression we consider the 𝜀?̇? = 3980 s
−1 test. The 𝜀?̇? = 3980 s
−1 specimen was 
sectioned and polished to reveal the midplane shown in the XCT micrograph in Fig. 5.6d. Dark 
field optical micrographs of the area marked in Fig. 5.7a are shown at two levels of 
magnification in Figs. 5.7b and 5.7c. The kinks bands under high rate compression are similar 
to those observed by Attwood et al. (2015) under quasi-static compression with the micro-
buckling occurring at the ply level. The main difference is that the kink band under high rate 
compression is less distinct with smaller ply curvatures delineating the kinked and unkinked 
regions of the specimen.  
 
 
5.4. Numerical simulations of the compressive response 
 
5.4.1 Constitutive model 
In order to gain an understanding of the mechanisms governing the compressive response under 
quasi-static and high rates of compression we now develop a numerical approach to model the 
experiments via detailed finite element (FE) calculations. In these calculations, each ply within 
the composite specimen is explicitly modelled using the pressure-dependent crystal plasticity 
framework developed in Chapter 3. This approach not only appropriately models the fibre and 
ply rotations that are critical to accurately capture the large rotations within the kink bands, but 
also the pressure-dependent yield of the HB26 Dyneema® composite. In chapter 3, we 
employed a viscoplastic relation for effective resolved shear stress ?̂?(𝜅) and the shear rate ?̇?(𝜅)  
that approximated a rate independent response, see (3.16). However, the measurements 
reported in this study indicate a strongly rate dependent response which has motivated us to 
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such that the slip system remains elastic below a yield strength 𝜏𝑌 with the plastic strain rate 
vanishing for 2?̂?(𝜅) ≤ 𝜏𝑌. With increasing strain rate, we propose two regimes with power law 
exponents 𝑞 and 𝑒 on either side of a transition strain rate ?̇?𝑡. 
 
Most of the material properties employed here are taken from previous investigations for the 
Dyneema® HB26 composite; see Chapter 3. The exceptions are the rate dependent plastic 
properties in Eq. (5.7) that are calibrated using the measurements reported in this study. For the 
sake of completeness here we specify all the properties required for the constitutive model. 
Based on the experimental measurements reported in Russell et al. (2013) and Attwood et al. 
(2014), the elastic moduli are 𝐸𝑓 = 80 GPa , 𝐸𝑚 = 10 GPa  and 𝐺12 = 3 GPa  while the 
Poisson’s ratios are 𝜐12 = 0 and 𝜐23 = 0.5 . The shear strength of the composites is 𝜏𝑌 =
2 MPa at reference strain rate ?̇?0 = 0.1 s
−1 while the pressure sensitivity co-efficient is 𝜇 =
0.05 (Attwood et al., 2014; Chocron et al., 2014). The strain rate sensitivity parameters are 
chosen to be ?̇?𝑡 = 533 s
−1 with 𝑞 = 26 used to set a mild strain rate sensitivity in the low 
strain rate regime while the strong strain rate sensitivity in the high strain rate regime is 
captured using 𝑒 = 3. The FE calculations were performed in a dynamic setting to allow for 
inertial effects with the material density set to 𝜌 = 970 kg m−3 consistent with the measured 
density of Dyneema® composites. 
 
5.4.2 Finite element simulations 
We simulated the compression of the specimen of dimension 𝑊 ×𝐻 in a plane strain setting 
with deformation constrained to the 𝑋1 − 𝑋3 plane as shown in Fig. 5.8a. Consistent with the 
experiments, the specimens were modelled comprising alternating 0o/90o plies of thickness 
ℎ = 60 μm with overall specimen dimensions 𝑊 = 6 mm and 𝐻 = 4 mm (unit thickness in 
the 𝑋2 -direction). Each of the 𝑛 = 100  plies were modelled using the constitutive model 
detailed in Section 5.4.1 with 𝑥1 along the 𝑋1 − direction for the 0
o plies and 𝑥1 along the 
𝑋2 − direction for the 90
o  plies. The FE calculations were conducted using the explicit 
dynamic version of the commercial finite element package ABAQUS with the crystal plasticity 
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constitutive model implemented using the user-defined material model functionality VUMAT. 
The plies were discretised via eight-noded linear elements with reduced integration (C3D8R in 
the ABAQUS notation) of size ℎ/10. This implies that there were approximately 10 elements 
across each ply and this enabled the calculations to accurately capture the bending deformation 
of each ply. The experiments were simulated by modelling compression of the specimen 
between rigid platens (Fig. 5.8a) using the frictionless contact capability in ABAQUS and 
imposing a velocity ?̇? on the top platen with the bottom platen held fixed. The nominal strain 
rate is then given as in the experiments by 𝜀?̇? ≡ ?̇?/𝐻 with the nominal stress defined as 𝜎𝑛 ≡
𝐹/𝑊 , where 𝐹  is the force work-conjugate to the imposed displacement 𝛿  and the 
corresponding nominal strain is given by 𝜀𝑛 ≡ 𝛿/𝐻.  
 
Two types of imperfections were included in the specimens in order to trigger the appropriate 
kinking modes and obtain agreement with the measurements reported in Section 5.3. 
Misalignment between the specimen and the loading platens was considered by modelling a 
trapezoidal shaped specimen such that the specimen’s top surface made was inclined at an 
angle 𝜔 with respect to the platen as shown in Fig. 5.8a. Simulations are presented for 0o ≤
𝜔 ≤ 1o. In addition, to appropriately capture the micro-buckling deformation we also included 
fibre misalignment/waviness within the specimen as employed in numerous previous 
investigations (Budiansky and Fleck, 1993; Slaughter et al., 1996; Vogler and Kyriakides, 1997) 
of the micro-buckling of fibre composites. Here we include two bands of misaligned fibres that 
are inclined at angle ±𝛽 and along the specimen diagonals as shown in Fig. 5.8a. In these bands 
of width 𝑤, the 𝑥1 fibre direction in the 0
o plies was assumed to be misaligned by an angle ?̅? 
with respect to the global 𝑋1 − direction as shown in the inset of Fig. 5.8b. This directly 
simulates the initial fibre waviness/misalignment within the 0o plies. Attwood et al. (2015) 
reported detailed measurements of kink band formation in the HB26 composite under quasi-
static loading conditions and based on those measurements we set 𝛽 = 30o, ?̅? = 5o and 𝑤 =




Figure 5.8: (a) Sketch of the plane strain boundary value problem of the compression of a specimen 
comprising 𝑛 = 100 alternating 0o/90o plies between rigid-frictionless platens. The specimen is 
shown with the two bands in which the fibres are initially misaligned with the 0o  plies. The 
misalignment angle 𝜔 between the specimen and the platens is also indicated. (b) A detailed view of 
the structure of the initial fibre misalignments ?̅? within the bands of width 𝑤 oriented at angles ±𝛽. 
 
It now remains to specify the bonding between the alternating  0o/90o plies in the specimens. 
The experiments discussed in Section 5.3 show that while there is no significant delamination 
between the plies prior to the peak strength being attained, significant delamination is observed 
later in the deformation. Here we do not model the details of this delamination process as it 
requires detailed knowledge of the mixed-mode delamination strengths and toughnesses. 
Rather we take a simplified view and model two extremes: 
(i) The perfectly-bonded limit (PB) where the plies are assumed to be perfectly bonded 
throughout the deformation history such that adjacent material points on the 
0o/90o plies in contact with each other share a common displacement. 
(ii) The un-bonded limit (UB) where we assume no bonding between the plies 
throughout the deformation history. In these calculations each ply is modelled 







5.5. Numerical results and discussion 
 
5.5.1 Quasi-static compression and the effect of specimen misalignment 
We first establish the effect of specimen misalignment in the quasi-static setting for an imposed 
strain rate 𝜀?̇? = 0.01 s
−1 and consider the perfectly-bonded (PB) limit. Predictions of the 𝜎𝑛 
versus 𝜀𝑛 response are included in Fig. 5.9 for misalignment angles in the range 0
o ≤ 𝜔 ≤ 1o. 
With increasing 𝜔 we observe that not only does the initial stiffness 𝑑𝜎𝑛/𝑑𝜀𝑛 decrease, but 
also the peak compressive strength 𝜎𝑐 reduces. Moreover, the post peak strength softening rate 
is also reduced with increasing misalignment 𝜔. In order to visualise the predicted deformation 
mode, we include in Figs. 5.10a and 5.10b FE predictions of the spatial distributions of the 
total Green-Lagrange strain 𝐸13 at two levels of applied strains 𝜀𝑛 for the 𝜔 = 0
o and 𝜔 =




(𝐹𝑘𝑖𝐹𝑘𝑗 − 𝛿𝑖𝑗), (5.8) 
and measures the total strain that includes the elastic and plastic contributions to the 
deformation. In both Figs. 5.10a and 5.10b the two strain levels shown are selected so that they 
correspond to the strain at which the peak stress occurs and another higher strain level during 
the softening phase. For the specimen with no misalignment (i.e., 𝜔 = 0o ), deformation is 
symmetric and occurs by the formation of kink bands that mirror the fibre misalignments 
included a priori in the calculations. By contrast, misalignment breaks this initial symmetry 





Figure 5.9: FE predictions of the compressive stress 𝜎𝑛 versus strain 𝜀𝑛 response for quasi-static 
compression at a strain rate 𝜀?̇? = 0.01 s
−1. Predictions are shown for calculations with perfectly-
bonded (PB) and un-bonded (UB) plies for a selection of specimen misalignments 𝜔. 
 
Next consider the un-bonded (UB) limit. Predictions of the 𝜎𝑛 versus 𝜀𝑛 response are included 
as dashed lines in Fig. 5.9 for misalignment angles 𝜔 = 0o and 𝜔 = 0.7o respectively. In the 
absence of misalignment, the initial stiffness 𝑑𝜎𝑛/𝑑𝜀𝑛 is similar to the PB case but the peak 
strength is significantly reduced. However, with increasing specimen misalignment, both 
𝑑𝜎𝑛/𝑑𝜀𝑛 and the peak strength 𝜎𝑐 are lower in the UB case compared to the PB limit. In order 
to understand the deformation modes that give rise to differences between the UB and PB limits 
we include in Figs. 5.11a and 5.11b the UB predictions of the spatial distributions of 𝐸13 for 
the 𝜔 = 0o and 𝜔 = 0.7o cases, respectively at two strain levels 𝜀𝑛 equal to those chosen in 
Fig. 5.10. For the perfectly aligned specimen (Fig. 5.11a), at 𝜀𝑛 = 0.1 % there is negligible 
separation between the plies which results in the initial stiffness of the PB and UB cases being 
very similar. However, the absence of shear coupling or bonding between the plies implies that 
each ply deforms independently resulting in the lower peak strength. In fact, even at 𝜀𝑛 =
0.1 % we observe that although a kind band is seen to initiate, the deformation mode is not 
perfectly symmetric. Continued ply rotation within the kink band results in the plies separating 
as clearly seen for an imposed deformation of 𝜀𝑛 = 1 %. For the misaligned specimen with 
𝜔 = 0.7o, complete ply separation occurs very early in the deformation history with no distinct 





Figure 5. 10: FE predictions of the deformation modes for quasi-static compression at a strain rate 
𝜀?̇? = 0.01 s
−1 in the perfectly-bonded (PB) case with specimen misalignments (a) 𝜔 = 0o and (b) 
𝜔 = 0.7o . In both cases the deformed states are shown with spatial distributions of the Green-
Lagrange strain 𝐸13 at two levels of applied strain 𝜀𝑛. 
 
A comparison between selected predictions (𝜔 = 0o and 0.7o for both the PB and UB cases) 
and measurements is included in Fig. 5.4a. While the perfectly aligned specimen with 𝜔 = 0o 
overpredicts the modulus significantly, the PB case with a misalignment 𝜔 = 0.7o  is in 
reasonable overall agreement with the measured response. On the other hand, UB case gives 
poor agreement with the perfectly aligned specimen overpredicting the modulus and the 
softening rate while the 𝜔 = 0.7o significantly underestimating both the modulus and strength. 
We emphasize that the agreement between the simulations and measurements for the PB is not 
perfect but the results clearly demonstrate that a small specimen misalignment (of a level that 
is unavoidable in UHMWPE composite specimen preparation) has a significant influence and 
that the perfectly-bonded limit gives results closer to the measurements. Given these results we 
shall focus the remainder of the simulations on specimens with a misalignment 𝜔 = 0.7o and 





Figure 5.11: FE predictions of the deformation modes for quasi-static compression at a strain rate 
𝜀?̇? = 0.01 s
−1 in the un-bonded (UB) case with specimen misalignments (a) 𝜔 = 0o and (b) 𝜔 =
0.7o. In both cases the deformed states are shown with spatial distributions of the Green-Lagrange 
strain 𝐸13 at two levels of applied strain 𝜀𝑛. 
 
5.5.2 Comparison between measurements and predictions for high strain rate 
compression 
A comparison between the measured and predicted 𝜎𝑛 versus 𝜀𝑛 responses for applied strain 
rates 𝜀?̇? = 790 s
−1 and 3980 s−1 is shown in Figs. 5.12a and 5.12b, respectively. Both the UB 
and PB case simulations are included for a specimen misalignment 𝜔 = 0.7o. At the lower 
strain rate of 𝜀?̇? = 790 s
−1, the PB case is in good agreement with the measurements capturing 
both the peak strength and the subsequent softening. By contrast, the UB case under-predicts 
the strength as well as overpredicting the subsequent softening rate. These results are generally 
in line with the corresponding comparisons in the quasi-static case (Fig. 5.4a) where again the 
PB case was in better agreement with the measurements. On the other hand, at the high strain 
rate of 𝜀?̇? = 3980 s
−1, the PB simulations are in good agreement with measurements of the 
peak strength as well as the strength at large strains (𝜀𝑛 > 0.15). However, the simulations 
predict a softening rate immediately after the peak strength is attained that is higher than that 
in the measurements. The reason for this discrepancy is not immediately clear but could be 
related to the imperfections (both microstructural as well as specimen level misalignments) not 
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being appropriately modelled. The UB simulations capture the peak strength with reasonable 
accuracy but significantly overpredict the subsequent softening rate. In fact, the UB simulations 
predict complete ply separation with negligible strength for strains 𝜀𝑛 > 0.04 and hence the 
predictions are terminated prematurely in Fig. 5.12b. 
 
Predictions of the high strain rate (𝜀?̇? = 790 s
−1) deformation modes for the UB and PB cases 
are included in Figs. 5.13a and 5.13b, respectively. In these figures we show spatial 
distributions of 𝐸13 at applied strains 𝜀𝑛 = 2 % and 6 % on the deformed configurations. The 
PB simulations (Fig. 5.13b) are very much in line with the XCT micrograph in Fig. 5.6c with 
symmetric kink bands forming along the specimen diagonals. Thus, unlike in the quasi-static 
case (Fig. 5.10b), the specimen misalignment does not break the symmetry of the initially 
imposed ply level imperfections with inertia ensuring a symmetric deformation mode. 
Similarly, differences also emerge in the UB case with the quasi-static simulations. Now, unlike 
the results in Fig. 5.11, ply separation occurs relatively late in the simulations with no clear 
signs of separation seen at 𝜀𝑛 = 2 % (Fig. 5.13a). This is because transverse inertia retards the 
separation of the plies at these high rates of deformation. As a consequence, UB simulations 
even with misaligned specimens capture the peak strength with good accuracy at the higher 
strain rates; see Fig. 5.12b.  However, ply separation sets in by 𝜀𝑛 = 6 % and this is the reason 
behind the high softening rates in the UB simulations (Fig. 5.12). 
 
 
Figure 5.12: A comparison between measurements and FE predictions of the high strain rate 
compressive response for applied strain rates (a) 𝜀?̇? = 790 s
−1 and (b) 𝜀?̇? = 3980 s
−1 . Both the 
perfectly-bonded (PB) and un-bonded (UB) FE predictions are included for a specimen misalignment 




A comparison between measurements and predictions of the peak compressive strength 𝜎𝑐 is 
included in Fig. 5.5b over the entire range of strain rates investigated here. With a specimen 
misalignment 𝜔 = 0.7o , the PB simulations are in excellent agreement while the UB 
simulations significantly under-predict the strength especially at the lower strain rates. This 
underprediction by the UB simulations is a result of premature ply separation and this 
separation is retarded by transverse inertia results at the higher strain rates. As a consequence, 
the UB simulations predict the peak strength at the higher strain rates as discussed in the context 
of Fig. 5.12b. Predictions of the PB simulations for the perfectly aligned specimen (𝜔 = 0o) 
are also included in Fig. 5.5b and those overpredict the peak strength. In summary, the PB 
simulations including specimen misalignment represent a reasonable method to simulate the 




5.5.3 Matrix strain rate sensitivity versus inertia effects 
The strong strain rate sensitivity of the compressive strength 𝜎𝑐 in both the measurements and 
simulations could have two possible origins: 
(i) Matrix strain rate sensitivity such that the shear strength of the composite (which is mainly 
governed by the shear strength of the matrix) increases with increasing strain rate. 
(ii) Micro-inertial effects where the kinking/micro-buckling is retarded due to the transverse 
inertia of the plies. Such an effect was proposed by Slaughter et al. (1996) in the context of 
micro-buckling of UD fibre composites and by Calladine and English (1984) for understanding 
rate sensitivity of the collapse load of columnar structures. This latter situation of the inertial 
stabilisation of the buckling modes has been extended to various structural settings by 






Figure 5.13: FE predictions of the deformation modes for high strain rate compression at 𝜀?̇? =
790 s−1 with a specimen misalignment 𝜔 = 0.7o. The spatial distributions of the Green-Lagrange 
strain 𝐸13  are shown on the deformed states at applied strain levels 𝜀𝑛 = 2 % and 6 % for the (a) 
un-bonded (UB) and (b) perfectly-bonded (PB) simulations. 
 
To try and delineate these two effects that can both give rise to an increase in strength with 
increasing strain rate, we performed FE simulations wherein we reduced the density 𝜌 of the 
UD plies of the composite while keeping all other properties fixed at their reference value. 
Reducing the material density reduces the effect of inertia and thereby permits uncovering the 
relative effect of inertia versus material strain rate sensitivity in the simulations. The predicted 
compressive response at 𝜀?̇? = 3980 s
−1 in the PB case with 𝜔 = 0.7o is shown in Fig. 5.14a 
for densities ranging from the actual material value of 𝜌 = 970 kg m−3 to an artificially low 
value of 𝜌 = 9.7 kg m−3. Reducing the density (and thereby the inertial contribution) by two 
orders of magnitude has a negligible effect on the high strain rate 𝜎𝑛 versus 𝜀𝑛 response. This 
strongly suggests that over the strain rates investigated here, the observed rate sensitivity is 
mainly associated with material rate effects rather than linked to inertial effects. These findings 
are summarised in Fig. 5.14b where we show FE predictions of the peak compressive strength 
𝜎𝑐 over the range of strain rates investigated here for both the PB and UB cases with 𝜌 =
970 kg m−3 and 97 kg m−3 . In the PB case the effect of material density is minor with a 
reduction in density only reducing the strength slightly at the highest strain rates. However, 
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there is a larger effect in the UB case. In particular, reducing the density in the UB case 
increases the strain rate at which the strong sensitivity of 𝜎𝑐 to strain rate commences. This is 
rationalised as follows. Recall that transverse inertia retards the separation of the plies in the 
UB case and this allows 𝜎𝑐 to be set by microbuckling of the plies in the UB case (similar to 
the mode in the PB case). Reducing the material density diminishes the effect of transverse 
inertia and thus a higher rate of loading is required to prevent ply separation at lower material 
densities. Nevertheless, given that the PB case represents a better approximation to the 
behaviour of these composites and we conclude that the observed rate effects over the range of 
strain rates investigated here are primarily due to the strain rate sensitivity of the material (or 
rather the matrix). 
 
 
Figure 5.14: (a) FE predictions of the high strain rate (𝜀?̇? = 3980 s
−1) compressive stress 𝜎𝑛 versus 
strain 𝜀𝑛 response for the perfectly-bonded (PB) case with three choices of the material density 𝜌. (b) 
FE predictions of the variation of the peak compressive strength 𝜎𝑐 with applied strain rate 𝜀?̇? for the 
perfectly-bonded (PB) and un-bonded (UB) cases with a specimen misalignment 𝜔 = 0.7o. Results 
in (b) are shown for two material densities 𝜌. 
 
5.5.4 An analytical model for the rate dependence of the compressive response 
The finding that the observed rate sensitivity is mainly set by material strain rate effects implies 
that we can develop a relatively simple analytical estimate relating the dependence of 𝜎𝑐 on the 
𝜀?̇?. We do this by employing the kinematics of microbuckling as first developed by Budiansky 




Consider a UHMWPE composite with an initial fibre misalignment ?̅? in the 0o plies in a band 
of width 𝑤  that is inclined at an angle 𝛽  as shown in Fig. 5.15. The imposed overall 
compressive strain rate 𝜀?̇? is assumed to be accommodated by deformation that is restricted to 
this (kink) band such that shear and transverse straining vanishes outside the band. Then the 
initial deformation proceeds with ?̇? = 0 such that the imposed deformation results in a material 
rotation 𝜙 as shown in Fig. 5.15 and no broadening of the kink band. This mode proceeds until 
lock-up at a rotation 𝜙 = 2(𝛽 − ?̅?) (Fleck et al., 1995) whereupon broadening commences. 
Since our aim is to provide an estimate of the peak strength 𝜎𝑐 we restrict our analysis to the 
initial regime where the kink width 𝑤 remains fixed and deformation proceeds by material 
rotation within the band but no band broadening. Then a simple geometrical construction gives 
the relation between specimen shortening Δ𝐻 (Fig. 5.15) and the total misalignment ?̅? + 𝜙 as 
Δ𝐻 = 𝑤[cos ?̅? − cos(?̅? + 𝜙)], (5.9) 
with 𝜀𝑛 ≡ Δ𝐻/𝐻 and 𝐻 denoting the overall height of the specimen in its undeformed state. In 
the absence of transverse straining or shear strains outside the kink band, the shear strain 𝛾13 
within the kink band reduces to 𝛾13 = 𝛾𝑏 = 𝜙 (Budiansky and Fleck, 1993)  and it then follows 





𝑤 sin(?̅? + 𝜙)
. (5.10) 
In the limit of the shear yield strain 𝜏𝑌/𝐺12 ≪ ?̅?, the compressive strength is given by the 





where 𝜏𝑓 is the shear flow strength of the matrix at shear strain rate ?̇?𝑏. Setting 𝜏𝑓 = ?̂?
(𝜅) and 
?̇?𝑏 = ?̇? in Eq. (5.7) and using Eq. (5.10) to relate ?̇?𝑏 to the imposed strain rate 𝜀?̇? gives the 
required relation for the compressive strength 𝜎𝑐(𝜀?̇?).  
 
The above analysis is applicable to the perfectly aligned specimen (𝜔 = 0o) with perfectly-
bonded plies. A comparison between analytical and FE predictions of the 𝜎𝑐(𝜀?̇?) is included in 
Fig. 5.5b for the PB case with 𝜔 = 0o. Excellent agreement is observed demonstrating the 
validity of this simple analysis. The key insight obtained from this analysis is that the imposed 
strain rates are magnified within the kink band as specified by Eq. (5.10). As a consequence, 
the strain rate sensitivity of the composite is enhanced compared to that of the underlying 
matrix properties. This is clearly evidenced in Fig. 5.5b where 𝜎𝑐 shows a high sensitivity to 
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strain rate for 𝜀?̇? > 100 s
−1 even though the transition strain rate for enhanced rate sensitivity 
of the underlying material properties is ?̇?𝑡 = 533 s
−1. 
 
Figure 5.15: Sketch of kinematics of the deformation of the [0o/90o]𝑛 composite comprising in-
extensional plies under compressive loading. The overall specimen shortens by Δ𝐻 (shown by the 
dashed lines) due to material rotating through an angle 𝜙 from its initial misalignment ?̅? in the band 
of width 𝑤. This band is oriented at an angle 𝛽 with respect to the 𝑋3-direction. 
 
 
5.6. Concluding remarks 
The in-plane compressive response of [0o/90o]𝑛 ultra-high molecular weight polyethylene 
(UHMWPE) fibre composites was investigated for strain rates in the ranging from 0.01 s−1 to 
4000 s−1. The measurements, supported by optical microscopy and X-ray tomography, reveal 
that compressive deformation occurs by ply level kink band formation. This kinking is 
accompanied by ply delamination although delamination typically sets in after the peak 
strength is attained. The measurements show that the peak strength of the composite has a mild 
rate sensitivity for strain rates less than about 100 s−1 but is strongly rate dependent at higher 
strain rates. 
 
Finite element (FE) calculations were also reported to understand the role of matrix rate 
sensitivity and inertia in setting the overall strain rate sensitivity of the composite. In these 
calculations, each ply within the specimen was discretely modelled using a pressure-dependent 
crystal plasticity framework that accurately accounts for the large shear strains and fibre 
rotations that occurs within each ply in the kink band. The calculations with plies assumed to 
be perfectly-bonded are in good agreement with measurements confirming that ply 
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delamination plays a secondary role in governing the compressive response, at least at 
moderate levels of applied strain. Importantly, the calculations show that for the range of strain 
rates investigated here, material inertia plays a negligible role with the observed strong rate 
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6    Conclusions and Future work 
 
The aim of this thesis was to investigate the micromechanics of ultra-high molecular weight 
polyethylene (UHMWPE) fibre composites. We began with a combined experimental and 
theoretical study on the deep penetration mechanisms of UHMWPE composites by a sharp-
tipped punch and revealed the associated failure mechanisms. Micromechanical models were 
developed to predict the steady state pressure and the observed size effect upon punch diameter 
and ply thickness. We then explored the impact mechanisms of UHMWPE composite beams 
by blunt projectiles using a detailed finite element (FE) study. Failure mechanism maps were 
developed which provide a mechanistic understanding of the effect of shear strength on the 
ballistic performance of the composites. Finally, we investigated the dynamic in-plane 
compressive response of UHMWPE composites via experiments and finite element modelling. 
We demonstrated that the observed strong strain rate sensitivity was dependent on the matrix 
rate sensitivity rather than the inertial stabilization effect. Here we present our conclusions 
from this work and provide recommendations on future work.  
 
 
6.1 Penetration of ultra-high molecular weight polyethylene composites  
The quasi-static penetration response of both unidirectional (UD) and cross-ply UHMWPE 
composites was investigated. In both cases, the penetration pressure increased with increasing 
punch diameter and the penetration occurred without any fibre fracture. The size dependency 
of the penetration pressure was found on punches with diameters on the order of millimeters. 
For cross-ply composites, the penetration pressure also increased with decreasing ply thickness.  
The sharp-tipped punch penetrates the UD and cross-ply composites by the formation of mode-
I cracks along the fibre directions, followed by the wedge open of the crack to accommodate 
the punch. For cross-ply composites, the incompatible deformation between the adjacent plies 
resulted in delamination around the punch. Micromechanical models were developed to model 
the steady state pressure and the associated crack lengths. A pressure-dependent crystal 
plasticity framework was developed to account for the finite fibre rotation and large shear 
strains within the individual plies. The models suggest that the observed size dependency of 
149 
 
the penetration pressure was caused by the competition between deformation of the composites 
by wedging open of the cracks and the extension of the mode-I and delamination cracks.   
 
Based on the experimental measurements and micromechanical models, we estimate the mode-
I inter-fibre splitting toughness 𝐽𝐼𝐶 = 10 kJ m
−2 with a combined mode-II/III delamination 
toughness 𝐽𝐼𝐶 = 25 J m
−2. In addition, the study indicates that the high penetration resistance 
of the UHMWPE composites by sharp-tipped punches results from their high toughness.  
 
 
6.2 Impact failure mechanism maps for UHMWPE composites 
The idealized problem of an infinite long, cross-ply UHMWPE composite beam impacted by 
a cylindrical projectile were investigated using detailed finite element (FE) calculations. All 
the individual plies in the beams were explicitly modelled using the crystal plasticity 
framework developed in Chapter 3.  
 
We reported two distinct failure modes which can happen in the beams. The first is the mode I 
failure immediately under the projectile caused by the indirect tension mechanism. The second 
is the mode II failure at the rear of the beam resulting from beam bending. It is revealed that 
the mode I failure is dominant for beams with low shear strength while the mode II failure is 
the major failure mechanism for beams with high shear strength. The calculation predicts that 
the maximum tensile fibre stresses are lower in the low shear strength beams and thus higher 
impact velocities are required to initiate failure.  
 
The failure mechanism maps provide a mechanistic understanding of the experimental 
observations that high ballistic performance composites require lower shear strength. 
Furthermore, the numerical calculations predict that there exists an optimal shear strength at 
which the velocity needed to initiate failure is maximized at a given fibre tensile strength.  This 
optimal shear strength is shown to increase with increasing fibre strength and hence composite 
designs with ultra-high strength fibres might be a significant step towards “structural armours” 






6.3 Dynamic compressive response of UHMWPE composites  
The in-plane compressive response of cross-ply UHMWPE composites was investigated for 
the strain rate in the range 0.01 s−1 to 4000 s−1. The stress response comprised a linear elastic 
phase followed by a softening phase with increasing strain. Optical microscopy and X-ray 
tomography demonstrated that the composites deformed by ply level kink band formation 
accompanied with ply delamination after the peak compressive stress was attained. A strong 
strain rate sensitivity of the peak compressive strength was observed for strain rates larger than 
100 s−1, but a mild strain rate dependence was observed at lower strain rates.  
 
In order to understand the effect of matrix rate sensitivity and inertia on the overall strain rate 
sensitivity of the composite, we employed FE calculations to simulate the measured 
compressive response. The pressure-dependent crystal plasticity framework developed in 
Chapter 3 was used to explicitly model each individual ply. The calculations suggest that at 
moderate applied strain levels, the delamination between the plies play a secondary role in 
setting the overall compressive response. More importantly, the observed compressive strain 
rate sensitivity was shown to mainly result from the matrix strain rate sensitivity rather than 
the inertia stabilisation effect. 
 
 
6.4 Future work 
 
6.4.1 Dynamic penetration of UHMWPE composites  
We have analysed in Chapter 3 the quasi-static penetration response of UHMWPE composites 
by a sharp-tipped punch and developed micromechanical models which successfully predicted 
the steady-state pressure and the associated crack lengths. A significant future step would be to 
investigate the dynamic penetration response and develop the associated modelling framework. 
Three-dimensional numerical models might be needed to be developed in order to incorporate 
the stress wave effects as well as the complex fracture modes underneath the projectile.  
 
6.4.2 Constitutive models with damage initiation and propagation  
We have developed a pressure dependent crystal plasticity framework in Chapter 3 and 
employed it to model the UHMWPE composites throughout the thesis. This model is capable 
of accounting for the finite shear strains and large fibre rotations within each individual ply. 
However, as the composites are mainly used in ballistic protection applications, constitutive 
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models which incorporate axial damage initiation and propagation under single and multi-axle 
load need to be developed. This is of course a significant challenge as the damage of UHMWPE 
composites is highly energetic and often accompanied with spring back of the fibres upon 
fracture. Recent development on advanced numerical modelling techniques such as the phase-
field method might serve as an appropriate tool to incorporate damage into the constitutive 
modelling scheme.  
 
6.4.3 Failure mechanism maps for the ballistic limit velocity  
In Chapter 4 we have developed failure mechanism maps for the critical velocities required to 
initiate failure in cross-ply UHMWPE composite beams. This might serve as a first step 
towards a full understanding of the ballistic performance of the composites. A critical parameter 
which governs the ballistic performance is the ballistic limit velocity, and it requires the 
projectile to completely penetrate the composite. Therefore, failure mechanism maps based on 
ballistic limit velocity will be the ideal choice to gauge the ballistic performance of composites 
and study the interplay of that with different material properties such as shear strength and 
tensile strength. In order to achieve this, a robust numerical model is needed to quantitatively 
model the damage and fracture within the composites although this has proved elusive for a 
long period of time.  
 
6.4.4 The dynamic kink band propagation of UHMWPE composites 
In Chapter 5 we have investigated the peak compressive stress as a function of applied strain 
rate. However, the peak compressive strength is achieved at relatively small strains with 
negligible fibre rotations. It is well known that under quasi-static loading, the compression of 
composite materials at finite strains is associated with kink band broadening at which the kink 
band rotation angle is locked to a constant value of approximately two times of the kink 
inclination angle. Therefore, it would be of great use to investigate the dynamic compressive 
response at finite strain and study the kink band propagation. The challenge is to correctly 
record the deformation of the composite experimentally within the small time scales during the 
dynamic impact process. The numerical modelling framework developed in this thesis might 
serve as a starting point to analyse the rotation and broadening of the kink band for such 
problems.   
 
